The effects of static and dynamic strain ageing on the fracture toughness of low carbon steels by Chew, Chong Ngai
THE EFFECTS OF STATIC AND DYNAMIC STRAIN AGEING 
ON THE FRACTURE TOUGHNESS OF LOW CARBON STEELS 
A thesis presented for the degree of 
Doctor of Philosophy 
in 
Mechanical Engineering 
in the University of Canterbury 
by 
CHEW CHONG NGAI 
December, 1979 
To my wife Yvette 
(i) 
SYNOPSIS 
Advancement in Linear Elastic Fracture Mechanics has resulted 
in the concept and standardised experimental determination of a 
new fracture parameter, namely, the plane strain Critical Stress 
Intensity Factor (KIC). Unfortunately, this experimental tech-
nique has been shown to be generally inapplicable to low alloy 
structural steels except at artifically induced quasi-static test 
conditions i.e. by using unrealistically large test specimens, or 
by testing at low temperatures. Consequently, alternative 
fracture parameters and analytical techniques have been developed 
to extend the concept of Krc to ductile materials. Although 
several claims of successful technique were reported, the stan-
dardisation of these procedures is still being awaited. Further-
more, the various recommended test procedures have stipulated the 
use of the fatigue crack as an artificial flaw without ascertaining 
the possible embrittlement effect caused by the strain ageing of 
the inherent fatigue crack-tip plastic zone. 
The applicability of the Crack Opening Displacement test 
technique in three low carbon steels has been established 
experimentally. It was found that size independent fracture tough-
ness parameter could be determined by using relatively small speci-
mens. The fracture toughness was observed to change abruptly over 
a narrow range of temperature where the transition of fracture 
mode occur. The "shelf" levels of the fracture toughness showed 
good agreement with the predictions made by the contemporary models 
(ii) 
of fracture behaviour. The experimental data also confirmed the 
existence of empirical correlations between the Charpy Impact 
Energy (Cv) and the Critical Stress Intensity Factor {Kic). 
The embrittlement effects caused by the strain ageing of the 
fatigue crack-tip plastic zone has been investigated by using two 
Grade 275 steels of different strain ageing propensity. It was 
found that strain ageing produced a small but definite increase 
in the Fracture Mode Transition Temperature. A model based on 
the basic theories of fracture behaviour and the influences of 
strain ageing on tensile properties was proposed to qualitatively 
predict the observed change in Fracture Mode Transition Temperature. 
The COD testing of a Pressure Vessel steel at e+evated 
temperature confirmed the embrittlement influences of dynamic 
strain ageing. The fracture toughness was observed to decrease 
substantially in the temperature range of 150°c to 350°c. This 
drop in fracture toughness can be explained by the postulation 
that the basic microvoid coalescence mechanism is affected by the 
increase in strain hardening rate associated with dynamic strain 
ageing - a postulation supported by the current experimental data. 
(iii) 
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During the past two decades advances in technology have made 
it necessary to produce materials of improved strength. These high 
strength materials are finding an increasing range of application, 
especially in the aerospace industry where heavy emphasis is placed 
on the minimum-weight design concept. Unfortunately, the usage of 
these high-strength materials has been accompanied by a succession 
of fatigue and 'static' failure, some of which were catastrophic. 
In 1969, the U.S. Air Force was directed to develop structural 
fracture resistance test procedure after the crash of a F-lllA 
·1· ' f (1) mi itary aircra t . This marked the beginning of the first 
sophisticated application of fracture mechanics. 
The problems associated with the use of progressively stronger 
materials lie with their lower flaw size tolerance. The concept of 
flaw tolerance had been predicted as early as 1920 by Griffith whose 
crack propagation model essentially stated that an existing crack 
would propagate spontaneously only if in doing so, the total energy 
(2) 
of the system was reduced • The Griffith's crack propagation con-
cept was verified experimentally with glass as the test material; 
and it was fbund that the fracture stress, Op, could be related to 
'the surface energy, y, by the relationship 
= (1.1.) 
where a is the flaw size 
Eis the modulus of elasticity. 
). 
However, Griffith's work did not receive due attention at 
that time because the popular structural materials in the decades 
between 1920 and 1960 were of relatively low strength by today's 
standard and consequently could tolerate large flaws without 
fracturing catastrophically. However, with increasing emphasis 
peing placed on higher strength, the critical flaw size has been 
reduced continually. This trend can be inferred from the data of 
Griffith's experimental work shown in Table 1.1. where it can be 
seen that progressively higher strength was accompanied by the 
reduction in tolerable flaw size. This trend of reducing flaw 
tolerance had gone by unnoticed with the absence of suitable 
theoritical parameters and test methods. 
The traditional method of assessing the fracture toughness is 
the notched bar impact test. This test measures the level of 
energy absorbed by the test specimen during the cleavage/ductile 
fracture transition. Unfortunately, this method has inherent 
limitations which may be summarised as: 
(a) The inability to provide a quantitative parameter 
which characterise the material's resistance to 
fracture for design analy$is. 
(b) The 1.mrealistic· test conditions in relation to service 
enviroment. 
(c) To a lesser degree, the different interpretation of 
the definition of the transitio~ temperature which 
is usually used as a fail-safe measure. 
Rupture Stress Flaw Size 
-2 





366 o. 89 
Griffith's Exnerimental Data 
On The Bursting Stress Of 
(2) 
Cracked Spherical Glass Bulbs 
3 
4 
The initial development of the fracture toughness test tech-
nique focused its attention on macroscopic Linear Elastic Fracture 
Mechanics (LEFM). 'I'he theoretical concepts of LEFM define the 
fracture parameter as the size independent plane strain Critical 
Stress Intensity Factor, KIC' and KIC is related to the fracture 
stress, Op, and the flaw size, a, by the relationship 
= 
½ 
a F hra) (1. 2) 
Subsequent experimental development led to the standardisation of 
the Krc test technique basing on compliance measurements of standard 
. (3, 4) . 
test specimens • Unfortunately, the compliance measurement 
method can tolerate only an extremely small degree of plastic 
yielding. Consequently, the applicability of LEFM test methods is 
limited to quasi-brittle cor,dition which effectively confines the 
normal ambient temperature application of the test method to very 
high strength materials where the yield strength is in the vicinity 
-2 
of 800MN-m • In lower strength materials such as structural 
steels, the LEFM technique is applicable only when artificial quasi-
brittle condition was induced either by lowering the test temperature 
or by using expensive and unrealistically large test specimens. 
Since LEFM test methods have proved to be unsuitable for Krc 
measurement of low strength ductile materials, considerable attention 
has been focused on the development of alternative methods for the 
experimental measurement of a size independent fracture toughness 
parameter. These efforts have led to the development of the 
"General Yield Fracture Mechanics" (GYFM) concept which provides 
relatively simple alternative parameters and test techniques for 
the measurement of Krc· The two popular GYFM parameters are: 
5 
(a) The Crack Opening Displacement (COD) 
(b) The J-Integral Concept 
The COD, like the LEFM KIC' focuses attention on the crack-
tip region. It defines the critical fracture criterion as a fun-
ction of the flow stress at the crack-tip, usually taken to be the 
yield stress, cry, and the "opening" of the crack-tip at the instance 
of separation so that 
<Jy (COD) , t' l en, 1,ca (1. 3) 
,,__ '- h d th t f ' h de ' ,_ · 1 ( S' 6 ' ?) LaLer worJ<. s owe a or a strain ar n1.ng rnaceria , 
May (COD) 't' l cr1. ica 
where Grc is the plane strain critical energy release rate 
M is a constant and l< M<2. 
(1. 4) 
Currently, the exact value of Mis still ambiguous. However, it:is 
important to note that the original, less sophisiticated model 
provides a conservative estimate. 
The J-Integral method focuses attention away from the crack-
tip region, and is defined as a path ind?pendent integral taken 
around the crack-tip. It has been interpreted as the potential 
energy difference between two identically loaded bodies having 




where U is the potential energy of the system 
a is the crack length 
(1. 5) 
and the critical fracture criterion is represented by the plane 






where KIC is the plane strain Critical Stress Intensity Factor 
E is the modulus of elasticity 
v is the Poisson's ratio 
Thus, two alternative parameters which can be determined 
experimentally have been proposed and their practical applica-
bility verified~ Later reports indicated that the LEFM and GYFM 
. (10, 11) 





(1 - \)) May (COD\ 't' l · cri ica 
( 1. 7) 
6 
Apart from the two above mentioned GYFM parameters, several 
alternative techniques which analyse the LEFM 'invalid' load-
displacement Kic test record have been developed and their success-
. (12, 13, 14) 
ful applications supported by experimental data . 
In spite of this abundance of feasible post-yield fracture 
toughness test and analysis technique, · the fragmented nature of 
the research has resulted in the absence of any standardised test 
procedure. There remain several areas of ambiguity regarding the 
definition of the critical fracture event and the size dependence 
of the two alternative GYFM parameters. 
Reports suggesting that the _fracture toughness. parameters can 
be related to the fracture models depicting the micro-fracture 
mechanisms of both cleavage(lS, 161 l 7) and ductile(lS, 191 20 > 
failure have also been published. The cleavage fracture model 
states that spontaneous propagation of the existing fatigue crack 
7 
of a fracture toughness test specimen occurs only when the tensile 
fracture stress, o F , is exceeded over a "characteristic" distance, 
X , ahead of the crack-tip so that 
0 
(1.8) 
This chara9teristic distance was reported to be 1 to 2 grain 
d . . d' . (16, 17) iameters in irnension . However, it has also been suggested 
that Equation (1.8) is applicable in low strength steel only wh~n 
.h . d' d 40 (l6 ) b 1 ' ' t e average grain iameter excee s µm , ut a ater investi-
gation showed that Equation (1.8) remained valid in low strength 
steels even when the average grain diameter was as small as 8,3 
( 1 7) 
µm Further contradiction has arisen from reports which state 
that the fatigue cracks of fracture toughness test specimens merely 
act as stress concentrators and that the spontaneous propagation 
of the crack must occur by the nucleation of micro-cracks at the 
. , (15 , 16 , 1 7) 
fatigue crack-tip . This implies that the fracture 
toughness test measures the energy required for both the nucleation 
and subsequent propagation of the crack, and contradicts an earlier 
report that the fracture toughness test only measures the energy 
. f k . . ( 21) required or crac propagation . Thus, by using low carbon 
steels with suitable grain sizes, the grain-size limit of Equation 
(1.8) can be ascertained by performing the fracture toughness tests 
at -196°c. The micro-cleavage mechanism can also be inferred from 
these results. 
The two ductile fracture models of notched specimens relate 
h · · 1 · h . l . (18, 19, 20) t e critica COD to in erent materia properties • The 
1 11 . . ·1 . b h (18, 19) more popu ar non-meta ic inc usion ased model states tat 
(COD) . , l criticc;1 
( 1. 9) 
where Efi is the critical crack-tio strain, also known as the 
notched ductility 
lfi is the average non-metallic inclusion soacinq 
8 
The notched ductilitv may be measured experimentally by the slope 
of a graph of critical COD versus slot-width of the notch, usually 
. d . l ' h h d' <22 > approximate as equiva ent to twice t e note root ra ius . 
The second model relates the critical COD to the ferrite grain 
, ( 20) 
diameter, dg , by the equation 
ln 
(COD) . t' l cri ica 
2 dg 
where Ef is the uniaxial tensile fracture strain 
( 1.10) 
This model assumes that the grain boundary carbide particles play 
a significant role in the micro-void coalescence mechanism. 
Since the average non-metallic inclusion spacing usually does not 
relate to the grain size, it is useful to ascertain the applica-
bility of these two ductile fracture models to low carbon steels. 
An important factor which has been overlooked by the various 
LEFM and GYFM Krc test techniques is the embrittlement effect of 
strain ageing. 
· . ( 3 4 5 9) 
In all the recommended test techniques ' ' 
the II flaw" is introduced by fatigue cracking. Al though it has been 
recommended that the stress intensity during the fatigue cracking 
process be kept below a critical level ( 3 , 4 ' 23), the various 
. . , (24, 25, 26, 27) i't fatigue crack propagation models suggest that 
is inevitable that a small, plastically damaged area will be formed 
at the fatigue crack-tip. Thus, strain aqeinq of the fatigue 
crack-tip plastic zone may produce significant changes in the 
fracture touqhness of materials with strong strain ageing 
tendencies since the various fracture toughness parameters are 
measured at the crack-tip area and are therefore sensitive to 
localised changes in the material properties. Strain ageing of 
. ( 28) 
a more severe nature has been investigated by Burdekin • In 
9 
this investigation, notched specimens were pre-strained by bending 
to open the notch root by O .15 mm be fore closing with a reverse 
bend to the original dimension. The specimens were then aged at 
250°c. Subsequent COD testing showed that the fracture mode 
transition temperature increased dramatically from -55°c in the 
parent material to 10°c in the strain aged condition. The 
importance of any embrittlement effect caused by strain aqeinq at 
the fatigue crack-tip should consequently be investigated. 
The application of fracture toughness testings at elevated 
temperature is also of practical interest especially for Pressure 
Vessel steels. The explosion in 1974 of a Pressure Vessel normally 
operated at elevated temperature occurred in Wellington, New 
Zealand. In the subsequent inquiry, the. metallurgical soundness 
of the culprit vessel steel was questioned. One fact which emerged 
from this inquiry was the absence of information on the elevated 
temperature fracture toughness of the Pressure Vessel steel. As 
dynamic strain ageing can occur at temperature between 100°c and 
350°c, it is almost certain that the fracture toughness in this 
temperature range will be adversely affected. Hence, this investi-
gation will include elevated temperature fracture toughness testings 
10 
of the material obtained from the Pressure Vessel involved in the 
above accident. 
The objectives of this'. thesis are therefore to establish: 
(a) The feasibility of a fracture touqhness test 
procedure for low carbon steels 
(b) The existence of the plastic zone at the fatigue 
crack-tip 
(c) The effect of ambient temperature strain ageing 
on the fracture toughness of low carbon steels 
(d) Information o~ the changes of fracture resistance 
in the "blue-brittle" temperature range of 100°c 
to 150°c 
It is obvious that the selected method of fracture toughness 
testing should be able to focus attention on the problem area, 
namely the crack-tip area, usinq economical and realistic specimens. 
Although the LEFM KIC test can be used for testing low strength 
structural steel at -196°c for the purpose of establishing the 
relationship between KIC and fracture stress, oF, given in 
Equation (1.8), its applicability at higher temperature, even as 
low as -so0 c is doubtful. The COD test appears to be the most 
attractive alternative parameter and recent reports on the feasi-
bility of experimentally measuring the thickness independent Jrc 
, . (10, 29, 30) . 
with small test specimens appear encouraging. Hence, 
by establishing the minimum specimen size required to obtain the 
thickness independent critical COD, the "plane strain II Critical 
1 l 
Stress Intensity Factor, KIC' may be estimated and compared with the 
Charpy V-notched Impact Energy, Cv.' using empirical Kic-Cv relation-
. (31, 32, 33) 
ships, for low alloy steels published elsewhere 
PART 1 
FRACTURE TOUGHNESS TESTINGS OF LOW CARBON STEELS 
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CHAPTER T\•70 
LINEAR ELASTIC FRACTURE MECHANICS 
2.1 Ideal Fracture Strength 
The ideal fracture strength of a material, when viewed micro-
scopically, involves the breaking of atomic bonds. By assuming 
the approximate atomic stress-strain relationship of an isolated 
pair of atoms (Figure 2.1) to be a half sine wave (Figure 2.2) 
so that: 
0 (2.1.1) 
.IJ11• wrirk niquin•<l to separate .the two atoms to infinity is rnpro-
sented by the total area \UlQer the stress-strain curve. Since 
the energy (U0 ) required to separate a pair of atoms to infinity 
in a crystalline solid can be equated to twice the surface tension 
(y) of unit area of a free surface of the appropriate plane of the 
solid, that is: 
= 2y (2.1.2) 
the area under the atomic stress-strain curve can also be equated 












1 Displacement, b 
2·1 (a)BONDING ENERGY AS A 
FUNCTION OF DISTANCE Of 
SEPARATION 
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For a very small displacement, Equation (2.1.1) may be written as 
0 
X 
Omax 2n A 
Substituting for A in Equation (2.1.3) yields 
2 
0 max bo 




Hence, the ideal fracture strenoth may be expressed as 
(2.1.6) 
E0uation (2.1.6) has been derived by considering the enernies of 
interaction between pairs of atoms across the fracture pl~ne. It 
is possible to derive similar expressions for the fracture stress 
by considering the interaction energies between an atom and all its 
neighbouring atoms and differentiating these to determine more 
accurate forms o.f atomic force-displacement curves. Such in.ter-
. ( 34) 
action energies have been expressed as Morse potentials . of 
the form: 
= 
where s is the reciprocal of the "range" of the inter-atomic forces 
· (35) · 
In other cases . , the interatomic forces have been qiven as 
functions of the form 
F Constant { 
b m b0 n 




where m and n are dependent on the type of bondinq 
The exponent mis representative of the repulsive forces 
while the exponent n is dependent on the attractive forces. 
However, as the interatomic potentials are often not well defined, 
it becomes necessary to accept oseudo-potential functions of the 
forms given in Equation (2.1.7) to evaluate the various constants. 
The pseudo-potentials may then be used to calculate the atomic 
stress-strain curve. 
. ( 36) 
The net inference of these results is 
that the fracture stress of a crystalline solid is of the magni-
tude 0.lE 
2.2 Effects Of Cracks 
The theoretical strength of a crystalline solid, as expressed 
in the previous section, has seldom been observed in real life. 
In fact, the observed strengths of crystals are found to be lower 
than 0.lE by about two orders of magnitude. Griffith( 2)was the 
first to suggest an explanation by recognising that a macrosco-
pically homogeneous test sample may contain small defects in the 
forms of cracks, or atomic deformation processes which could 
nucleate cracks, or inhomogeneity of composition, Griffith then 
analysed the fracture in such a cracked-body by energy-balance 
considerations. Briefly, Griffith's analysis stated that the 
introduction of a crack into a body strained between fixed grips 
would alter the total energy of the body in two ways: 
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(i) The energy is increased owing to the energy of the 
two crack faces; if the surface tension is Y, the 
increase is given by S = 2ya per unit thickness. 
where 2a is the crack length 
(ii) The stored elastic strain energy is decreased due to 
the presence of stress-free areas above and below the 
crack. This decrease in stored elastic energy, Ue , 
per unit thickness is given by 
(plane stress) (2.2.1) 
(plane strain) (2.2.2) 
where vis the Poisson's ratio 
Therefore, in plane stress, the total change in energy due to 
the presence of the crack is given by 
w = 
7T02a2 
2ya - 2E (2.2.3) 
Equation (2.2.3) may be visualised graphically in Figure 2.3. 
It is obvious that the energy passes through a maximum and then 
decreases with increase in crack length. Griffith consfdered the 
change in energy as the crack of length a was extended by a small 
amount oa and established a critical energy criterion - below which 
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At the critical point (fracture), a = O'F, 
2y 
E 
Thus, in plane stress 
= 
and in plane strain, 
= [ 2Ey } ~ 
1r(l - v 2 )a 
a 





However, the Griffith expressions for critical fracture represent 
only a necessary but not a sufficient condition for failure. The 
Griffith expressions consider only the thermodynamics of the body 
and ignore the conditions at the crack-tip. For instance, a blunt 
crack-tip may not have sufficient concentrated stress to separate 
the atomic bonds. 
2.3 Stress Intensity Factor 
Irwin( 37> showed that in order to state the fracture criteria, 
it is not necessary to conduct a stress analysis for the entire body. 
Instead, it is sufficient to describe only the crack-tip stresses. 
Such a crack-tip region is small compared with the body but is 
sufficiently large with respect to atomic dimensions to enable the 
applications of Linear Elastic Theory. 
/ 
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Ry visualisinq a crack as shown in Fiqure 2.4, where the 
stress, distribution ahead of a half-crack of length a and the 
displacement distribution within a half-crack of lenqth a+ oa 
are both shown, the Westergaard's Solution( 3S) may be applied 
to yield 
O'Xz 
and in plane strain 










The change in energy in the body as a whole may be evaluated by 
calculating the work done by the surface forces across-the length 
( 37) o a when the crack is closed from a + da to length a • The energy 
ch~ge is given by the expression 
where the thickness is assumed as unity, 
and G is the energy release rate. 
(2.3.5) 
Substituting for 0 11 and u 11 yields 
Goa 2(1 - v2 ) 






since the crack is ai:;smned to be elliptical, r,,may be written as 
r = oa sin2 w. Equation (2.3.6) may be evaluated to yield 
Goa oa (2.3.7) 
Thus 
G (2.3.8) 
By defining the Stress Intensity Factor as 
K = 0(1ra)~ (2.3.9) 
Equation (2. 3.8) may be written as 
G 
K2 (1 - v2) 
= E (2.3.10) 
similarly in plane stress, it may be shown that 
G (2.3.11) 
f . d . ( 39) , . h . , Thus, at fracture or Moe-I opening , the Griffit criterion 
in plane strain may be expressed as 
2yda 





The expressions relating to the energy release rate and the 
Stress Intensity Factor (Equations (2.3.10) and (2.3.11)) have 
very generai and important applications in the field of Fracture 
Mechanics. For example 1 assuming that a half-crack of lenqth a 
situated in an infinite body was subjected to a tensile stress 
21 
(Mode I opening), to a shear stress (Mode II sliding), and to an anti-
plane strain shear stress (Mode III openinq) , the actual crack-
tip stresses which would do work would be o 11 (Mode I), shear 
01 2 (Mode II) and shear 0 13 (Mode III). These would be charac-
terised by the Stress Intensity Factors K1 , K11 and Krrr res-
pectively. Work would be done only if these stresses move in 
their appropriate directions and the expressions for the energy 
release rate per unit thickness would be 





Evaluating as before, and assuming plane strain conditions for 
Modes I and II, yields 
or in plane stress 
EG = K 2 I + (1 + v)KIII2 ( 2. 3 .15) 
Thus, the use of Stress Intensity Factors has reduced an otherwise 
complicated situation to one of only relatively simple mathematical 
model. 
22 
The Stress Intensity Factor may be modified to take the form 
K 
~ 
Y oapp (a) (2.3.16) 
where Y is a dimensi~nless patameter which accounts for the dif-
ferent loading systems and different crack configurations. Values 
of Y have been evaluated for many situations. A useful recent 
. (40) 
edition has been compiled by Cartwright and Rooke • 
2.4 Quasi-Brittle Fracture 
The Griffith analysis and the Linear Elastic Theory of cracks 
have both been devised for elastic media. Consequently, they are 
applicable to very brittle materials only. Modifications are 
obviously needed to enable their applications to more ductile 
materials commonly used in structural engineering. Irwin et al (4l) 
conducted experiments on the fracture at room temperature of 
large, thin sheets of aluminium containing central cracks and found 





The constant, however, was found to be much greater than the sur-
face energy of the material. 
Independently, Orowan <42 > and Irwin (43) suggested that the energy 
1 d ' th ' ( 4l) . l 1 d' ' d b d . re ease 1.n ese specimens was arge y 1ss1pate y pro ucing 
plastic flow around the crack-tips, so that the critical values at 
fracture were apparently much greater than 2y. However, it was 
found that the amount of plastic work in the crack-tip region 
which preceded unstable crack extension was independent of the 
initial crack length and therefore a measure of the material's 
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characteristic resistance to fracture. More importantly, the amount 
of plastic flow at instability was very much smaller in extent 
than either the crack length or the width of the sheet. 
Consequently, as far as the macroscopic energy release rate was 
concerned, methods of linear elasticity could still be used to 
relate crack-tip events to the applied stress. 
Orowan re-wrote the Griffith criterion as( 42 ) 
(2.4.2) 
where Yp is energy expended in the plastic work necessary to 
produce unstable crack extension. 
Since (yp + 2y)» 2y 
= (2.4.3) 
Irwin, however, used the critical value of strain energy 
release rate at which unstable crack propagation occurs in his 
( 43) 
expression of fracture stress . This critical strain energy 
re_lease rate, G • t' provided a convenient parameter to include all cr1 
supplementary energy dissipating terms, in addition to the work 
required to fracture the lattice. The constancy of G 't' and cr1 
hence its use as a measure of a material's resistance to fracture, 
will be found to depend critically on experimental testin~ conditions. 
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However, for situations where small amounts of local plastic flow 
precede crack extension, which is generally termed "quasi-brittle 11 
behaviour, the critical value can always be related to the failure 
stress by linear-elastic methods. Irwin's parameter, G 't' pro-. cri 
vi des a measure for fracture touqhness. The development of fracture 
' toughness testing since Irwin's initial work has been to define 
experimental conditions under which reproducible toughness measure-
ments relevant to service applications can be measured in laboratory 
tests. 
Irwin's expression for GIC and Krc 
Op 
( 43) 




The plastic zone at the crack-tip will obviously alter the stress 
distribution. A first approximation of the extent by which the 
' d ' ' h d ' ' b ' ' b ' d ( 44 ) b plastic zone mo 1f1es t e stress 1str1 ution is o taine y 
assuming that small scale yielding at the crack-tip produces a 
(45) 
"notional II crack of length (a + 2ry) in plane stress . The 
fracture stress, op, is expressed as 
(2.4.6) 
Tia { 1 + 1 (~) 2 } 'T Oy . 
where <Japp is the applied stress 
Oy is the yield stress 
r is the y radius of the crack-tip plastic zone 
25 
and the tip of the "notional" crack is located at the centre of the 




Op { 1Ta ( 1 + ~ ) } ½ 
2oy 
(2.4.7) 
where K . , is the critical Stress Intensity Factor 
cr1t 
A similar conclusion can be reached if the fracture stress is 
related to the plastic zone size calculated from Dugdale's model 
where the critical Stress Intensity Factor, K 't' is expressed cr1 
as 
(46) 
K . = cr1t (2.4.B) 
It is now possible to conclude that the Equations (2.4.7) and 
, Op 
(2.4.B) should be used if O > 0.4. 
y 
For ratio of 
Op 
> 0.8, it is 
Oy 
possible to substitute for more accurate values of ry (from Dugdale's 
model) into the expression for the "notional" crack and hence obtain 
relationships between. KIC and OF up to general yield. The validity 




and such relationships need to be treated with caution. 
The Effect of Specimen Thickness on Fracture Toughness 
Previous discussions have indicated that the· elastic stress 
analysis around a crack has reached a sufficiently high level of 
sophistication and this has resulted in considerable emphasis being 
26 
placed on the development of. efficient and simple experimental 
methods that can be employed to determine fracture properties. 
_'\ 
Krafft et al investigated the effects of specimen thickness 
on fracture toughness by using an age hardened aluminium alloy 
( 4 7) ( 48') 
(7075-T6) . Using Krafft et al's results, Srawley and Brown 
. . ( 49) 
and Tetelman and McEvily showed that a large variation in 
toughness was obtained as indicated in Figure 2.5.a 
The toughness curve may be conveniently divided into three 
regions:-
(i) Region A 
In region A, the specimens are very thin and tend to show 
increasing toughness with thickness. The load-displacement curve 
(see Figure 2.5.b) is linear up to fracture and the fracture pro-
file is completely slant. 
(50) (51) 
Cottrell and Knott proposed a 
model where the stress state at the crack-tip is essentially plane 
stress and an anti-"plane strain mechanism (KIII) is responsible 
for crack extension. Using Bilby et al's method for calculating 
the size of plastic zones and displacements in Mode III defor-
. (52) 
mation , Knott showed that the criterion for first crack exten-
sion, provided that the extent of screw dislocation pile-up ahead 




) ½ 1 = (2.5.1) app 7T a 
where 1 is shear stress app 
'y is shear yield stress 
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B is speqimen thickne:::s 
By rewriting Equation (2.5.1) in terms of the associated tensile 
stress and Young's modulus, 




2 Ecr B 
___ Y }½ 
Tra(l + v) (2.5.2) 
This expression gives the condition for instability. Hence a maxi-
mum applied load is obtained and the critical Energy Release Rate, 
G 't' may be written as cri 
G . = crit 
3 
2 
2 a B y 
( 1 + \!) (2.5.3) 
This definition of G . t predicts a very steep linear increase with 
cri 
thickness, which is generally held adequate to represent the experi-
mental results in this region of the curve. 
(ii) Region C 
In region C, total instability occurs at loads corresponding to 
a virtually constant toughness value and the fracture appearance is 
almost completely square, with a very small proportion of slant 
profile at the edges. The central region of such a thick specimen 
is assumed to be deforming m1der approximately plane strain conditions. 
When yielding occurs around the crack-tip, high constraints are set 
up, and a tri-axial stress state is· developed. This.stress state 
enhances the initiation of fracture. Linear Elastic Fracture 
Mechanics describe the fracture process in this region adequately. 
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Recent development of techniques utilising LEFM for plane strain 
fracture toughness testing will be discu::;sed in Section 2 .6. 
(iii) Region B 
In this region, the fracture behaviour is more complicated. 
The fracture surface profile of such a specimen will show the 
formation of some square fea.tures in the centre of the specimen 
thickness at an applied stress a 
app 
However, the square fracture does not occupy a sufficiently 
high proportion of the thickness such that much of the load is 
borne by the side ligaments of the cross-section and that total 
instability does not occur at the stress a 
app 
The load-
displacement curve shows a sudden crack ('ixtension for constant, 
or even decreasing, load if the square fracture tunnels ahead and 
fractures rapidly. This phenomenon is known as a 'pop-in' . If the square 
does not advance rapidly, i b:: presence will be detected only by a 
change in the compliance of the test specimen. 
, I 
The criterion for final instability has not been firmly 
established, although the following postulations have been proposed. 
They are:-
(i) At the thin end of the range, the initial square 
fracture occupies only a small proportion of the thickness cross-
section. As it tunnels forward, the plastic zone size becomes 
large with respect to the plate thickness. The through-thickness 
stress is relaxed and final instability :ls achieved at a load PF 
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which is sufficiently large to operate a sliding mechanism for 
separation. 
(ii) At the thick end of the range, the side ligaments bear 
a much smaller. proportion of the total load applied to the test 
specimen and so final instability follovm the initiation 'pop-i11' 
more readily. The fracture profile at instability is a mixture 
of slant and square. 
The behaviour observed :Ln this intermediate range gives rise 
to doubts concerning the applicability of the Griffith-Irwin 
relationship as the failure criterion. Krafft et al recognised 
the problem and proposed a treatment in the form of R-curve 
. ( 5 3) 
analysis . 
Form the above discussions, it is obvious that the plane 
strain fracture toughness Grc, or in the form of K1c, is the only 
value suitable for use as a representative design parameter, Any 
use of other fracture toughness values will present an over-
optimistic prediction. However, an exception must be allowed for 
thin sheets, which are used extensively in aerospace industry. 
The need for high strength to weight ratio in such cases renders 
it desirable to assess G ·t values using specimens of similar 
cri 
thickness to the actual service structures. Nevertheless, the 
plane strain critical value of GIC is the parameter over which 
researchers have displayed avid interests during the past two 
decades. Their efforts have led to the standardisation of plane 
strain fracture toughness testing methods. 
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2.6 Plane Strain Fracture Toughness (K1c) Testings 
The main objective of plane strain fracture toughness testings 
is to make reproducible assessments of the lower limit of the 
critical fracture toughness of a mate'rial. From discussions in the 
previous section, it is obvious that several restrictions need to 
be observed to produce plane strain, quasi-bri~tle fracture con-
ditions. 
Early researchers concentrated their efforts in designing 
suitable loading systems, specimen geometries and methods of 
analysing the experimental data( 54 , 55 ). Naturally, initial results 
revealed large scatter of information, even for tests performed on 
the same materials. Subsequently, the American Society for Testings 
and Materials set up a committee (Committee E 24) on "Fracture 
Toughness Testings of Metals" to co-ordinate and correlate the 
various efforts of the many researches conducted in the United 
States. The committee's effort led to .the eventual adoption of 
some of the testing methods as an ASTM Standard( 3). A similar 
committee under the title of "Fracture Toughness Committee" was 
. (4) 
also set up by BISRA and it also standardised the Krc testings . 1 
Both the ASTM and BSl; recommended simila.r testing procedures. 
Briefly, the recommended methods of testings are:-
(i) A slow bend test which involves the opening of a 
pre-existing fatigue crack by a three-point loading 
system. 
(ii) A tension test which involves the eccentric loading 
and hence opening of a pre-existing fatigue crack. 
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A test record consists ot' an autog:raphic plot of the output 
· from the force sensing device versus the output from a double-
cantilever displacement gauge which monitors the mouth-opening dis-
1 
placements across the crack. The fracture toughness value is then 
calculated by determining· the critical load P from the load-
Q 
· . . . ( 3, 4, 56) 
displacement plot and then Embs ti tuting it in to the equation 
(2.6.1) 
where· KQ is the apparent Critical Stress Intensity Factor 
B is the specimen thickness 
w is the specimen width 
a is the crack length 
The function Y (~) varies with different specimen geometries and w 
its values are normally tabulated for standard specimen types. The 
validity of K as the critical plane strain fracture to~ghness 
Q 
parameter is governed by the criteria 
a, ( ~) 2 (W - a), B ~ 2.5 
cry 
(2.6.3) 
When the above criteria are satisfied, the KQ is accepted as KIC 
the conservative, size independent critical stress intensity factor. 
Thus, under plane strain fracture 
K 
a , (W - 'a) , B ~ 2 .. 5 (_.!E) 2 
cry 
(2.6.3) 
The crack length restriction as stated above effectively rules that 
the radius of the plane strain _plastic zone, rIY , at fracture must 
33 
( 51) 
be less than 0.02a . 
The Krc val~dity criteria are obviously very restrictive. 
- . th . , . h b . . d ( 56, 5 7) However, e1.r necessity as een ver1.f1.e 
2.7 Effects Of Temperature On Krc 
The effects of temperature on Krc are shown most strongly in 
relatively low-strength structural steels. Non-ferrous alloys and 
very high-strength steels show rather small variations of tough-
ness with temperatures up to 100°c. Similar trends are also 
observed in the traditional notched-bar impact tests. Results 
from Krc testings on low-alloy medium strength steels indicates a 
steep rise in K1 C values ovE-n a small range of temperature 
. (58, 59) 
(Figure 2.6) 
2. 8 Effects Of Strain Rate On Krc 
Moderate increases in strain rate have small effects on Krc· 
1 . . 11 d 1 h ' ' 2 7 (GO) It Resu ts from a sem1-k1. e stee are s own 1.n Figure , " . 
can be seen that an order of magnitude increase in loading rate 
is_ required to decrease Krc by 10%. HoW(:!ver, at very high strain. 
rates (ahead of a running crack, for example) it is possible for 
the deformation to occur so fast that the heat generated by 
plastic flow cannot be fully dissipated into the bulk of the speci-
men. The temperature ahead of the propagating crack may then be 
raised substantially. Under such an "adiabatic condition", the 














0 .......... ___ ~ __ ___._ _ ~ _ ____. 









100 g' . - - f! 
+-
. 80 .VI 
60 u --.~ 
20 
FIG. 2·6 TEMPERATURE DEPENDENCE OF 
THE K1c_FRACTURE TOUGHNESS 






CLASS 1 PLATE. { Ref. 58, 59 ) 
adiabatic / 
decrease of Krc effect / 
~te ·\/ 
---..... I 
1ct ij 10 1011ct 1a31041 
loading rnte 
-----...... .... .....,,..,,.✓ 
crack speed m/s 
1ai1d ,J~cf 
FIG. 2 ·7 VARIATION OF FRACTURE TOUGHNESS 
WITH LOADING RATE IN A SEMI~ 




The effects of flaws on the fracture toughness of a material 
have been given their due recognition over the past two decades. 
Sufficient theoretical development has firstly enabled mathematical 
treatments and subsequently standardising of testing methods of a 
cracked model. Unfortunately, the Krc validity c;i teria have 
restricted the applications of LEFM to brittle, high-strength 
materials because unrealistically large specimens would be required 
for the valid assessments of Krc for lower-strength materials. 




FRACTURE MECHANICS OF LOW STRENGTH MATERIALS 
3. l Introduction 
Linear Elastic Fracture Mechanics has been developed mainly 
for high-strength materials" Naturally, its possible application 
to structural materials is of great interest to -engineers. 
Unfortunately, the limitations of plane strain Kic testings 
eliminated the possible realistic applications of Linear Elastic 
Fracture Mechanics to medium and low strength materials. This is 
so because for tough materials, a valid KIC test usually requires 
large specimen dimensions or very low testing temperatures. 
Consequently, attention has been focused on alternati~e measure-
ments of KIC under conditions relevant to the material's service 
·applications. These efforts culminated in the proposal of two 
separate parameters which describe the fracture toughness of 
ductile materials. These are the Crack Opening Displacement (COD) 
at fracture and the critical value of a quasi-"strain energy 
release rate" known as the critical J-Integral (JIC). 
Apart from the two new parameters, several -methods which 
analyse load-displacement curves extending into the post-yield 
regime were proposed. These methods claim to provide valid measures 
3.2 The Crack Opening Displacement 
'1. 2. l Theoretical Concepts 
When a cracked specimen reaches general yield condition, 
deformation at the crack-tip will be extensive and complex. 
Consequently, the crack-tip stress or strain field cannot be 
characterised by a single-valued parameter such as the applied 
load in the standard KIC testing method. 
(61)
Independently, Wells 
· ( 62) . and Cottrell considered the amount of crack opening prior to 
crack extension as a yarameter which might characterise the crack­
tip region's strain field for a given set of conditons. 
Wells observed that the tip of a machined slot opened with a 
1 d d d , , · . (61)near y-square en e contour uring plastic deformation Using 
Irwin's estimate to determine the extent of plastic zone to repre-
h " ' l" 1 . k ' (44) h h h sent t e ,  notiona e astic crac -tip , e s owed t at COD is
analogous in concept to a critical crack extension force which can 
be related to Krc through the yield stress cry and Young's modulus 
\ 
E. Th I . , ( 38) e Westergaard s sol ut:Lon may be used to give the displace-
ment u11 in the x1-direction (Figure 3.1) at the elastic-plastic
interface of the extended "notional" crack as (
63)
( 3 . 2 .1) 
where K is the Stress Intensity Factor 
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. b tl . (41) given y 1e expression 
ry ( 3. 2 .2 ) 
Noting that the total crack-tip COD is~= 2u, and using the above 
expression for ry, it can be shown that for plane stress. 
G (3.2.3) 
where K is the Stress Intensity Factor for the condition of interest 
during crack-tip deformation. 
Wells proposed that this concept could be extended to full plastic 
deformation where the concept of a local plastic zone has little 
meaning. The criterion for fracture was when the crack opening 
displacement, o , reached some critical value, oc. Subsequent 
fracture experiments on bend and tension specimens produced data 
broadly consistent with the proposal, although agreement on a 
. (64) 
detailed level was incomplete . 
Cottrell used the concept of COD to explain why small test 
-specimens, cut from a large ship-plate which had fractured well 
before general yield in a brittle manner, now fractured well after 
general yield in a ductil·e manner when tested at the same temperature. 
He proposed that the plastic zone engulfed the whole cross-section 
of a small specimen before the COD reached the critical value at 
instability, oc, so leading to general yielding and ductile fracture 
whereas in large plate, oc was attained first and thus caused 
brittle fracture below the general yield stress. 
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Models of yielding at a crack-tip .1n terms of continuum 
h ' d 1 d 1 b bl (6 S) ' 't k'' me.c am.cs were eve ope separate y y Baren att , Vitv1 s .11 
(66) (46) 
and Leonov , and Dugdale • Dugdale's simpler model (Figure 
3.2) has been adopted widely in Yielding Fracture Mechanics. In 
his model, Dugdale represented the local plastic zones by a 
"notional" crack of length 2c subjected to the same real external 
stress (0), but with additional internal closing stress of yield 
magnitude (oy) acting over the length (c - a). Dugdale then used 
the stress functions of Muskhelishveli to obtain an equation 




Burdekin and Stone (64) derived from the above equation an 





sec { (3.2.5) 
Similar forms of equations were obtained from the Dugdale model 
by Goodier and Field (6 7) and Hahn and Rosenfield (6 B) but their 
derivations have enjoyed less popularity. 
Bilby, Cottrell and Swinden also proposed a model of yielding 
at the crack-tip by modelling the crack-tip and yield zone as arrays 
. l . (52) of dis ocat1on • This BCS model originally considered Mode III 
anti-plane strain shear by screw dislocations, and Mode II shear 
displacement by edge dislocations. However, by using suitably 
oriented edge dislocations, the model may be adapted to potray a 
41 
slit under tension with Mode I crack-tip displacement expressed in 
' 
identical forms to Equations (3.2.4) and (3.2.5). 
Thus, the BCS model and the Dugdale model are equivalent arid 
they both reduce the problem to linear elasticity by using methods 
which allow yielding only in the plane of crack opening, and so 
constituting a plane stress state. This approach has been termed 
as a "strip-yield" model. 
. (64) 
By expanding Burdekin and Stone's expression for COD yields 
0 = 
2 0 2 
{ 1 + .'II (-) + 
24 Oy 
(3.2.6) 
Since in LEFM the plane stress centre-cracked infinite plate 
solution yields 
K2 mJ2a 
G = = E E (3.2.7) 
it is obvious that for small applied stresses, 
G = (3.2.8) 
It is now generally accepted that 
G = (3.2.9) 
where M is a plastic intensification factor which can be used to 
account for different stress states, specimen geometries 
and work-hardening. 
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The value of M varies from approximately 1 for conditions of 
-1 d h , , 1 ( 70, 71, 72) d p ane stress an non-work- arderung maten.a s , as assume 
by the Dugdale and BCS models, to 2 where a crack-tip is highly 
, ( 5 6) 
restrained by a work-hardening material ' . . For the BCS model 
under plane strain, Haigh et al ( 73 ) established that the relation-
ship is:-
(3.2.10) 
while Tracey( 7) reported that: 
M = 1.84 for small scale yielding 
= 2 after general yield 
However, Sailor has shown that the value of M can reach 3.5 for 
t . 1 'th h' h . ' h d · · ·1 ( 20 ) ma er1.a s w1. 1.g strain ar ening 1.ncex . This variability 
of Mis likely to be caused by the fact that the theoretical treat-
ment of COD does not take into account the effects of the variations 
of the in-plane and out-'of-plane constraints. In theoretical 
treatments, M is e>cpected to vary between l and 2 ( 74 ) and the 
' l 1. ' (S, 7l, ?2) ' h' h' exper1.menta corre ations fell wit 1.n t 1.s range. 
The compatibility between COD and LEFM, particularly between 
COD and fracture toughness K1c, is readily demonstrated by 
using Equations (3.2.9) and (2.3.10) where in plane strain 
G (3.2.11) 
Hence, by using the appropriate values of M, full compatibility of 
the two concepts can be achieved(S). 
Thus, the COD concept provides an alternative to the 
standard ~C tests with the advantage of tolerance for a sub-
stantial amount of yieldin9, 'I'he COD model has been further 
(75) 
developed by Heald et al to predict fracture events in the 
post-yield regime. They adopted a simple fracture criterion 
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o = · oc and expressed the fracture stress in terms of the Griffith-
. . ( 2, 4 3) 
Irwin equation 
= (3.2.12) 
By further ass urning the crack-tip material' to be fully work-
hardened at fracture and hence substitu'dng the ultimate tensile 
stress, au, in place of the yield stress, oy, in the Equation 
(3,2,5); they derived the expression 
= (3.2.13) 
Heald et al claimed that Equation ( 3 .2 .13) describes fracture over 
conditions ranging from LEFM to extensive yielding. 
3.2.2 Practical Measurements Of COD 
The main objective of a COD test is to measure the amount of 
crack-tip opening oc which is a characteristic of the mode of 
fracture. This involves obtaining valuE:S associated with the crack-
tip region and detecting the onset of crack extension. 
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The first attempts to measure COD for a crack-like geometry 
(64) 
were made using the paddle-type COD meter . This method made 
use of a probe with a thin piece of steel at its .end inserted as 
close as possible to the .crack tip in the plane of the crack. The 
probe was lightly loaded in torsion and connected to a transducer, 
so that as the crack faces moved apart, the toes of the paddle con-
tinued to bear on the surfaces and the consequent rotation provided 
an electrical signal from the transducer which could be calibrated 
in terms of COD. This device has the advantage of measuring the 
crack opening directly. However, it could not be used in fatigue 
pre-crack test specimens. 
An alternative method of COD measurement was the double-
. ( 76) 
notched specimen . In such a specimen, fatigue cracks of roughly 
similar length were produced at the end of the notches. The speci-
men was then fractured, and the COD at the unfractured pre-cracked 
notch was obtained by metallographic sectioning and direct measure-
ment on the micrograph. This COD represents the critical value just 
prior to final instability. Unfortunately, this method does not 
provide a continuous record of the test. 
Realising the inadequacy of the above two methods, efforts were 
directed at designing COD instrumentation which could be identical 
to those used in LEFM tests, Such a technique was developed in which 
the opening at the standard knife-edges mounted on a specimen was 
measured using a clip-on-extensometer. 'rhis opening was related 
h k . . b ' I 'b . t ' ( ?7) tote crac -tip coo. y prior ca 1 ra ion • 
be b ' d ' 11 h ' 11 ( 78) o taine experimenta y or t eoretica y . 
The calibration may 
The theoretical 
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calibration assumes that the rigid ends of the specimen rotate 
about the neutral axis by sliding along a plastic hinge (Figure 3 . .:3) • 
The COD and the extensometer displacement, v9 , are related by the 
expression 
0 
r (W - a) = z + a + r(W - a) (3.2.14} 
The position of the neutral axis varies with specimen geometry. 
It is usually shown to be located at a distance r(W - a) from the 
crack-tip. The values of the rotational constant, r, were 
initially reported to be 0. 37 for fot1r-point bend geometry and 
(6 3) 
0.40 for compact tension geometry . However, these values were 
only valid for general yield conditions. The situation was slightly 
( 79) . 
improved by the empirical solutions of Wells which extend the 
range of theoretical calibration to encompass both the elastic and 
plastic regimes. Later investigations reported that the hinge-point 
1 . . . . f. ' th th f 1 t ' · t ( 81 ) ocation varies s1gn1 1cantly w1 · e degree o pas 1c1 y . 
Thus, the previous methods of analysis may cause significant errors 
at low values of COD. However, further investigations resulted in 
the availability of analytical solutions for three-point bend( 7l) 
• ( 82) 
and compact tension geometries. A proposal for standard COD 
testings was documented in 1972< 23). 
Unfortunately, the COD method may be imprecise in its definition 
of the point of failure. Unlike a linear elastic fracture event, 
the point of final instability in a COD test is occasionally pre-
ceded by varying amoW1t of ductile crack extension. In such cases, 
it is a matter of interpretation as to whether the COD value at the 
initiation of fracture ((\) or at the maximum applied force on the 
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FIG 3·3 RELATIONSHIP BETWEEN CRACK OPENING 
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applied force-displacement curve (om) is to be used. Experimental 
works( 18 ' 83 ) had suggested that oi was a material constant while om 
may depend on specimen dimensions and machine stiffness if the material 
displays a significant difference between oi and om. Practical measure-
ment of oi is difficult although several elaborate crack-initiation 
· h • h b ( 4, 11 , 18, 71, 79 , 84) detection tee niques ave een reported 
3. 3 The Critical J-Integral Method 
3. 3. 1 Theoretical Concept, 
The J-Integral as defined by Rice is a path independent energy 
line integral (Figure 3.4) where (8 ) 
J = J ~ clu r W' dy - '11 dS) clx 
where w' is the strain energy density 
T is traction vector on the path r 
u is the displacement vector 
sis the arc length r 
(3.3.1) 
r is any contour anticlockwise around the crack from the 
lower to the upper crack face. · 
Thus, J is concerned with the difference between the strain energy and 
the work done in crack opening. 
Energy line integrals describing the spread of plasticity at a 
(85 86) 
notch have been developed earlier ' However, Rice's definition 
is more popular because McClintok ( 87) combined it with. contemporary 
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. 1 . . . ·a 1 (88, 89) stress-strain so_utions for a non-elastJ_c crack-tip mq · e_ 
More importantly, Rice interpreted J as the potential energy 
difference between two ident.ical loaded bodies having slightly 
(8) 
different crack lengths . Thus, J is the potential energy (U) 




For elastic conditions, this is equivalent to G. However, the 
potential energy concept fails under conditions of plasticity 
because a large part of the energy is expended in plastic defor-
mation rather than crack extension( 70). Nevertheless, in such 
cases, U is taken to be equivalent to W , the work done between . e 
successive load deflection curves as specimens with successively 
longer cracks are deformed to a given displacement or load. Thus 





where a is the crack length. 
3.3.2 The J-Integral As A Failure Criterion 
(3.3.3) 
Based on the-definition and energy interpretation of J-Integral, 
Begley and Landes proposed a critical value of J at the instance of 
crack-tip instability which could be measured experimentally since 
f 'l ' t 11 d b k ' d f ' ( 9 ) a1 ure 1s con ro e y near crac -tip. e ormation . Experimental 
evidence supporting the above assumption was presented and showed 
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that for a given material, the value of J at failure was fairly 
constant between linear elastic and fully plastic conditions; 
d 1 G d ·1 • d' · ( 9 ) an was equa to IC un er p .. ane strain con i tions . However, 
since the line energy integral is expre[,sed only in two dimensions, 
the approach is, therefore, limited to problems of plane strain or 
generalised plane stress. Furthermore, the original derivation of 
J as a valid failure criterion was based on a deformation theory 
of plasticity rather than on the more appropriate incremental 
theory. Therefore restrictions have to be placed on the applica-
bility of the critical J criterion because the final stress-
strain states of real materials are dependent on the loading history. 
Thus, in a test, loading must always be monotonic because unloading 
is not permitted if the deformation theory of plasticity is to be 
a realistic approximation. of elastic-plac1tic behaviour. This rules 
out the use of the maximum load as an instability criterion if the 
material exhibits significant degree of stable crack extension 
prior to final instability, as any crack extension will cause 
unloading near the crack-tip. However, limited load relaxation 
· associated with slight crack extension and crack-tip blunting prior 
to insta_bi li ty. is tolerated in the same way as plasticity in KIC 
testings. Nevertheless, a rigorous validity criterion will limit 
critical Jc fracture criterion to the instance of initial crack 
extension rather than the final crack instability in materials 
which exhibit sub-c;ritical stable crack extension. 
3.3.3 Practical Evaluation Of The Critical J-Integral 
The early experimental determinations of J were based on load-
load point displacement curves using the energy rate concept 
50 
h d F. t' (3, ?\( 9 ) _ase on ~qua ion ·-·-• . This is a tedious technique which 
uses Rice's potential energy difference concept, repeated for a 
range of crack lengths. It provides a calibration for J as a 
function of load point displacement for a given geometry, against 
which a given fracture t.est displacement can be compared, and the 
critical value of J (Jc or Ll'IC) could then be estimated. Bucci 
1 d h d f . , f' , (90) et a propose a met o or approximating J by curve itting • 
They used plastically adjusted LEFM analysis and plastic limit 
load solutions to estimate load-displacement curves, and in turn, 
J versus displacement curves" Results so obtained were satis-
(9, 90) 
factory . • Extensions to Bucci et al' s proposal have been 
reported where a single load~displacement record was sufficient for 
the evaluation of J( 9l, 92 ) For certain specimen configurations, 
. . (92) 
it can be shown that 
2 
J = 
(W - a) 
where Pis load per unit thickness 
8crack is load point displacement 
(W - a) is dimension of the uncracked ligament 
This leads to the expression 
2u' 
= 
B (W - a) 
(3.3.4) 
(3.3.5) 
where u'is the area under the load-load point displacement curve 
up to the instance of initial crack-tip instability. 
Bis the specimen thickness. 
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Equation ( 3. 3.5) has been shown to be applicable to deeply-
h h , , , \ (92) note ed tree-point bend and compact tension specimens . Deep 
a 
notches (W > 0.6) were necessary to ensure that plasticity is con-
fined to the uncracked ligament. Strictly speaking, the work of 
elastic deformation of an uncracked specimen has to be subtracted 
from the area under the load-load point displacement curve. However, 
Rice et al claimed that this elastic work is negligible for compact 
tension specimens or for cases where plastic displacement becomes 
1 d , 1 . . b . (92) very arge compare toe ast1.c contri utions . 
A more general method of assessing JIC using the work of crack-
(93) 
tip instability has also been proposed . In this case, JIC was 
given by 
N U' e e 
B (W - a) 
+ B (W - a) 
where N replaces 2 in Equation (3.3.5) 
and subscripts e and p .refer to elastic and plastic 
components respectively. 
(3.3.6) 
Values of N were calculated for different geometries and different 
a (93) 
ratios of w This method obviously removes the restriction on 
notch-depth and the necessity to subtract the elastic energy of the 
uncracked specimen. Nevertheless, this approach still relies on the 
numerical equality of the energy absorbed up to the critical dis-
placement with the values of J. 
The restriction of monotonic loading in the determination of 
J . is presenting a problem in the assessment of low and medium 
crit 
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strength materials. Sub-critical crack growth often occurs in these 
specimens. Consequently, they lead to erroneous values of J 't' cri 
Hence, it is important to detect the point of initiation of such slow 
crack growth which incidentally corresponds to the initial crack-
tip instability. Unfortunately, the standard clip gauge instru-
mentation may not be able to detect slow crack growth adeqµately. 
Consequently, other methods such as the electrical potential 
technique need to be employed( 3 , 4) Recent developments have led 
to more tangible methods of measurements. The multi-specimen, 
heat-tinting method to monitor crack growth used in conjunction 
with a resistance curve technique to assess J 'twas initially 
cri 
( 29) 
proposed • However, this method has the inherent disadvantage 
of using multiple specimens. This problem was overcome by making 
repeated partial unloadings of a single specimen during testing, 
then using linear elastic compliance calculations to detect the 
. k . (94) onset of a certain crac extension . This point was then 
identified on the load-load point displacement curve and then using 
Equation (3.3.5) to evaluate Jrc· It was claimed that the error in 
estimating the onset of crack growth was small and that.the small 
unloadings were not detrimental. A more accurate method using the 
. . b l' . h . ( 71, 80) b . . d ( 84) silicon rub er rep 1cat1on tee nique has een investigate 
and it was found that the accurate determination of the crack-tip 
displacement at the onset of crack growth enabled_the evaluation of 
JIC using Equation (3.3.5). 
3.3.4 Effects of Specimen Size 
In applying J as a fracture criterion to large scale yielding 
bl h As M 1 t ' ' ' t ' 1 ( 3) pro ems, t e T panes rain size cri eria, name y 
a, B, (W - a) ?;-
KIC 2 
2 .5 (-) 
Oy 
5.3 
must be replaced by a new set of criteria and a new1 definition of 
local plane strain at the crack-tip. 'l'he region to which plane 
' strain conditions exist now only needs to encompass the region at 
the crack-tip where the critical separation process is taking place. 
( 30) 
The set of new geometry criteria proposed was 
a, B, (W - a) ;::_ A 




The value of A was initially proposed to be 50. However, experi-
1 . . . f d h 25 ff' · (lo, 29 ) menta 1nvest1gat1ons oun tat a value of A= was su 1c1ent 
The flow stress, afl , is usually - ow taken as 0Y although it has been 
0 ) ( 29) • interpreted as ~(ay + u Thus, the geometrical size criteria 
for JIC is much less rigorous than those for the KIC testings. 
3.4 Relationship Between COD And J-Integral And The Differences In 
Their Usage 
Both COD and JI~ attempt to characterise fracture events by 
parameters measured with model laboratory test specimens which may be 
related to the critical value of energy release rate when a large 
service structure breaks well before general yield. Both tests 
usually use small specimens where a substantial amount of yielding 
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precedes fracture. The COD focuses attention on the crack-tip 
region and is able to be related directly to the micro-mechanism 
of fracture in a region of area less than 0,01 mm2 • JIC relates 
to a macroscopic work term or to crack-tip conditions, depending 
on the r-contour chosen. Since J is proportional tot k' the crac 
· load point displacement, and~ k is proportional to COD in the 
_ crac 
standard bend. and compact tension specimens, J is in fact propor-
tional to COD. This deduction can be verified by referring to the 
expression 
= ( Re f • No • 9 , 91) 
( Re f. No • 70) 
where oIC is the "plane strain" critical COD 





In the Dugdale COD model as currently used, Mcry is equivalent to the 
restraining stress at the crack-tip. Mis assumed to be constant. 
. ( 5 I 6 I 70 I 
However, in more realistic assessments, M was found to vary 
71, 72, 74) 
The COD is a simple concept, and its rapid development leading 
to a near standardised testing method makes it a practical approach 
in the assessments of fracture toughness parameters. Unfortunately, 
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it is often necessary to restrict the application of the critical 
value of COD found in laboratory tests to be representative of the 
thickness tested becati:5e of the oversimplification of the model. 
The J-Integral attempts to p~oduce a more rigorous analytical 
treatment of yielding fracture mechanics. However, conflicting 
claims on the ran~e of applicability of the J 1c fracture 
criterion have been reported(lO, 95 ) 
Nevertheless, both COD and JIC provide a reasonable estimate 
of Krc with the advantage of using specimens that are much smaller 
than those stipulated in the standard KIC testing. The concept 
of Krc may now be extended to be applicable to medium and low 
strength mat.erials. 
3.5 Load-Displacement Curve Analyses 
Several methods have been developed in the analyses of load-
displacement curves which extend into the post-yield regime~ These 
methods were reported. as being able to provide measures of fracture 
toughness values which can be related to K1c or J 1c while using 
specimens of thickness that are invalid according to the ASTM standard (4). 
These include the prediction of KIC by 
(a) energy consideration 
(b) the curve fitting technique for load-displacement plots 
(c) a semi-empirical method 
3 .5 .1 The Equivalent Energy Mt' thod 
This method provides a simple way to relate fracture in a 
small specimen to fracture in larger but geometrically similar 
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models. The principles behind this technique have been discussed 
( 12 101) . 
by Witt and Mager ' , while further analytical investigations 
. (92) (96) 
were conducted by Rice et al and also by Begley ·and Landes . 
The method considers the load-displacement curves of geome-
trically similar bodies of various sizes. If these curves are 
normalised by a size parameter such as the thickness B, they will 
fall on a universal load•d,isplacement curve as shown in 
. (9 7) 
Figure 3.5 • Up to the point at which fracture occurs, the 
load-displacement plot of any specimen will lie on this curve. 
The curve also varies linearly with the applied load in the small 
scale yielding region, and the area under the curve reflects the 
energy input to the crack, In the fracture toughness testing of a 
thick specimen, failure will occur on the linear part of the curve. 
Tests on progressively smaller specimens will fail at increasingly 
higher nonnalised loads. Witt postulated that it is possible to 
predict Krc of a material from an invalid test by considering the 
. (97) 
volumetric energy ratio • Witt's estimate of Krc is given by 
the expression 
A 
P (::.i) ½ y (~) 
1 A2 W 
aw½ 
(3.5.1) 
where P1 is the normalised failure load of the specimen 





FIG 3-5 NORMALISED LOAD-DEFLECTION CURVES FOR 1T 
(1 inch thick), 6T AND 9T COMPACT TENSION SPECIMENS 
TESTED AT 200° F ( ASTM AS 33, GRADE B CLASS 1 STEEL) 
( Ref 97) 
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A2 is the area under the normalised curve up to the point where 
a valid KIC is expected. 
W is the specimen width 
B is the specimen thickness 
Y (~) is the standard compliance function in KIC testings. 
Experimental results showed that Witt's method can provide an 
estimate of KIC which is within the acceptable limit of scatter as 
(97, 98, 99) 
long as excess elastic deformation was not present 
a 
Chell had further shown thatdeep notches ( W > .65 for bend speci-




avoid unduly optimistic predictions of KIC 
Load-Displacement Curve Fittin~Method 
. (ur 
This method was a development by Chell and Milne on the 
(91) 
original proposal by Adams and Munro . A semi-empirical fracture 
formula is chosen so that it interpolates between linear elastic 
fracture mechanics and plastic collapse. This formula is then used 
to provide an approximation of J. 
For a constant load test a relationship exists between J and 
the displacement D. at the load pins due solely to the crack. This . pin 





J was taken to be (l3) 
r 0 J da (3.5.2) 
J 
8 2 a ?. a 
- EaY (-)0 (-)In- sec 
1/ W L W 







Eis the modulus of elasticity 
a 
aL(W) is the plastic collapse stress under plane stress 
condition 
a is 0.5 for compact tension specimens 
2 for bend specimens 
Y(~) is the standard compliance function of the test w 
specimen 
The plastic collapse load must first be guessed, from which 
J and D. are obtained and then fitted to the experimental load-
pin 
displacement curve by an iterative process. The method considers 
only the plastic displacement and in doing so avoids the sources of 
error due to elastic displacement of the uncracked body. Results 
of experimental investigations indicated that the method provides a 
reasonable estimate of Krc (l 3 , 99 ' lOO) ·rn some cases, it was claimed 
b , , ( 100) to e superior to the equivalent energy method . 
3.5.3 Semi-Empirical Method 
By modifying the semi-empirical post-yield fracture expression 
. ( 102) 
derived for a uniform tension specimen , Chell obtained the 
, ( 14) 
equation 
8 2 a 2 a --z aY (-)0 (-) ln sec { 
11 W L W 
} (3.5.4) 
where a is the crack length 
Y(~) is the ASTM Krc compliance function 
a 
0L(w) is the collapse stress of the system 
0F is the fracture stress 
Thus, by identifying 0L (~) of the material concerned, a simple w . 
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method of estimating Krc is available. The plane strain collapse 
f 1 ' ' h d , ' d ' d(l0 3) stress o popu ar specimen geometries a been previously erive • 
h . b d . ( 14, 10 3) For at ree-point en specimen 
a 
0 (-) = Lw 
where au is the Ultimate Tensile Stress 
(14, 103) 







where A1 is 0.35 to 0.45 for most steels, depending on the work 
hardening characteristics 
and O • 4 < ~ < 0 • 6 . w 
Chell used the formula to analyse data from several invalid 
\ 
K1c tests and found reasonable agreement with KIC values 
Obtai·ned from vali'd t. ests(l4). H th th d d d owever, as e me o epen s 
solely on the stress at fracture and not on a more sensitive para-
meter such as the load-displacement curve, a sensible and accurate 
knowledge of collapse stress is essential. 
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3.6 Stnrunary 
In order to overcome the unrealistic size criteria of the 
standard K1~ testings when applied to low strength materials, several 
proposals have been investigated. 
The COD concept is a very attractive one as it involves 
relatively uncomplicated procedures in the measurement of a tangible 
parameter. However, the ambiguity in the definitions of critical 
load in cases where ductile fracture or sub-critical crack growth 
had occurred raises doubts about the extent of the range of applica-
bility of the concept. However, extensive research has led to the 
claim that COD concept, although lacking rigorous analysis, could 
provide a workable parameter for the measurement of KIC for 
engineering design purposes. 
The JIC fracture criterion attempts to provide a more rigorous 
argument than those of COD and focuses attention on macroscopic 
work terms in a region near the crack.,,;tip. Although significant 
advances have been achieved in the theoretical analysis of JIC' a 
comprehensive coverage of fracture events with varying degrees of 
yielding is still awaited. In experimental measurements, the JIC 
criterion suffers handicaps similar to those of COD testings in the 
form of sub-critical crack growth and possibly ductile fracture. 
Nevertheless, the development of JIC criterion is currently still 
in its infancy and further improvements are expected. 
The various methods of load-displacement curve analysis appeared 
to provide good estimates of Krc from invalid tests. Among these, 
Chell's semi-empirical formula for estimating KIC is very interesting 
as it measures the applied fracture stress and hence it may have 
overcome the problem associated with sub-critical crack growth. 
It is obvious that assessments of KIC from invalid tests are 
still inconclusive because of the lack of standardised testing pro-
cedures, which, in effect reflects on the absence of a comprehensive 
understanding of fracture process with significant quantity of 
yielding. However, the various proposals have been supported by 
favourable experimental evidence. Thus, it is logical to conclude 
that each method has its limited range of applications. The 
successful measurements of K1cwith the concepts of yielding fracture 
mechanics will depend very much on the discrete selection of testing 
procedures and methods of analysis. 
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CHAPTER FOUR 
RELATIONSHIP BETWEEN FRACTURE TOUGHNESS AND MICRO-PARAMETERS 
4.1 Cleavage Fracture 
It is generally accepted that cleavage fract~re of ferrite-
pearlite low alloy steel occurs when the ori tical cleavage stress 
. (76 104 105) 
Op is exceeded locally ' ' The effects ot: yielding on 
1 . · . d b (l06 ) h d h b c eavage stress was investigate y Low w o faun tat y 
fracturing low carbon steel specimens at -195°c, the cleavage 
fracture stress was coincident with the yield·stress for coarse 
grain materials, and exceeded the yield stress for fine-grain 
materials (Figure 4.1). These observations reinforced the postu-
lation that cleavage is induced by local yielding. Assuming 
that cleavage fractures are slip nucleated, several models have 
been suggested to describe the cleavage fracture mechanism. 
Cottrell proposed a mechanism where two dislocations with 
Burger's vector of type · f < 1 1 1 > interacted and formed a micro~ 
crack with Burger's vector of type a< 1 1 0 > 
(107) 
condition of this model is given as 
where Op is the fracture stress 
The final fracture 
( 4 .1.1) 
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FIG 4·2 GRAIN SIZE DEPENDENCE OF THE 
'cHARAC TE RIST!(' DISTANCE OF A LOW ALLOY 
STEEL ( Ref. 16) 
µ is ,the shear modulus 
dis the grain diameter 
y is the surface energy. 
GS 
Thus, Cottrell's model relates the grain size, d, and the yield 
s 
parameter, k.Y, to cleavage fracture stress, Op, and it appears to 
be a comprehensive model. However, McMahon and Cohen showed that 
Cottrell 's model had omitted the effects of microstructural 
heterogeneities by showing that carbide size had a significant 
' fl h f h · ( lOB) in uence on t e racture mec anisms . 
Smith proposed an alternative solution which incorporates 
the effects of carbide particles by modelling a situation where 
dislocations pile up against a grain boundary and initiate a crack 
1 h d . , b . { 109) nuc eus at tea Jacent grain boundary car 1de . Detailed 
consideration of energy changes enables the critical value of 
cleavage stress to be related to microstructural parameters by the 
equation 
where Eis the modulus of elasticity 
Ti is the lattice friction stress 
Teff is the applied shear stress 
yF is the effective surface energy of ferrite 
C0 is the carbide thickness. 
(4.1.2) 
(j(i 
( llO) . h . ' l However, Evensen pointed out tat Smiths mode~ could 
appear to contradict the experimentally observed grain size 
dependence of 1the cleavage fracture stress ( 76 ' 104 , lOS, 106, lll) 
by substituting Teff as 
Ty - 'i (4. 1. 3) 
so that Equation (4.1.2) now becomes 
(4. 1. 4) 
This apparent conflict was partially resolved by Knott who suggested 
-
that the growth of both ferrite and grain boundary carbides is 
Co 
controlled by the same diffusion process so that the ratio d will 
be . (112) approximately constant . This suggestion was later verified 
b C • ( ll 3) h h d h ' . f th . 1 y urry ana Knott w o s owe t at examination o e avai -
able experimental data in literature would reveal a general relation-
ship between the ferrite grain size and the "largest observed" grain 
boW1dary carbide thickness. 
A similar model was proposed by Almond et al who obtained the 
(114) 
cleavage fracture stress as · 
(4.1.5) 
The current popular model relating Krc to OF assumes that the 
fracture stress is attained or exceeded over a "characteristic 
distance", X0 , ahead of the crack-tip when cleavage fracture occurs 
th t (15, 16) so .a 
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(4.1.6) 
. ( 16) A graph of X0 versus dis shown in Figure 4.2 • The concepts of 
characteristic distance and the Smith's cleavage model were adopted 
to describe the critical fracture event at the crack-tip of coarse 
grain material (d > 40 µm) and it was found that X0 was of the 
order of 1 to 2 grain diameter in magnitude, but -that X0 became 
. ' ' d d t f f' ' ' ( d < 40 µm) ( 16 ) • grain-size in epen en or 1ner grain sizes This 
conclusion is in contradiction with the later report that the KIC-aF 
relationship shown in Equation (4.1.6) is applicable in a low strength 
steel of grain size ranging from 8.3 µrn to 13 µm(l 7) 
4.2 Ductile Fracture 
In this section, the basic theories of microvoid coalescence 
will be reviewed before their application to COD testings are con-
sidered. As the general behaviour of ductile fracture involves the 
nucleation of rnicrovoids around second phase particles and the 
subsequent growth of these voids to achieve final coalescence, the 
theoretical mpdels describing ductile fracture usually consider the 
three different stages separately. 
The nucleation process has been described separately by 
Argon et ai(llS) and Ashby(llG) who both assumed interface decohesion 
as the void nucleating mechanism. 
Argon's model suggests that the normal stress (an) at the 
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interface between the parent matrix and the second phase particle 
must exceed a critical interface strength (a,f) to facilitate void 
. 1 
nucleation. Local work.hardening is often necessary because aif 
usually exceeds ay· Hence, it is possible to describe the nucleation 
condition in terms of critical macroscopic strain parameter en. 
Ashby's model suggests a dislocation mechanism that accounts 
for local work hardening and increase in flow stress at the second 
phase particle. The macroscopic nucleation strain is related to the 
interface tensile stress by considering the number of dislocation 
loops piling up against the particle. 
However, cracking of second phase particles or inclusion has 
also commonly been observed to result in void formation. In such 
cases, the nucleation criterion could be described by the fibre 
loading model of Lindley, Oates and Richards{ll?). 
The current popular models for the growth of voids at second 
. (118) (119) phase particles include those of McCl1ntok , Thomason , 
(19) 
and Brown and Embury • 
McClintok's model describes the effects of a hydrostatic 
stress field on the growth of an array of cylindrical voids. 
However, the model does not include a void coalescence mechanism. 
Instead, coalescence is assumed when the final void diameter attains 
the value of final intervoid spacing. 
Thomason's model assumes the uniform defo:rmation of the void 
arrays and the parent matrix until the attainment of local necking 
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condition in the intervoid ligaments. The condition for coalescence 
is expressed as a function of the interparticle spacing or the 
volume fraction of void particles. 
The Brown-Embury model assumes that the voids elongate along 
the major strain axis. When the length of void attains the value 
of the average initial inter-particle spacing, unconstrained 
plastic flow along the planes of the maximum shear stress occurs, 
thus leading to coalescence and failure. 
The common feature of these void-growth models is that they 
merely consider void coalescence in geometrical terms so that the 
growth strain is limited by the initial volume fraction of void 
particles. However, current evidence suggests that strain locali-
sation occurs, especially in materials with low work hardening 
propensity, which results in lower ductility than those predicted 
. (120, 121) 
by the geometrical models 
The maximum COD of a material in a fracture toughness speci-
men is limited by the strain that can be sustained at the crack-
tip. Consequently, the critical COD of ductile fracture is 
dependent on the initial notch root radius. This dependency has 
been shown to result in the existence of a constant ratio between 
the COD at crack-tip instability, o., and the slot-width of the 
1 
crack (usually taken as being equal to twice the notched root 
radius p}, provided that·a critical slot-width, Sc' is exceeded(lS, 
121) 
Below sc' the value of oi is constant. It has also been shown 
that when s ~ s , the constant ratio of 
C 
o• ~maybe defined as the 
Sc 
critical crack-tip strain usually known as the notched ductility 
Efi <22 >. When ductile fracture is initiated ahead of a fatigue 
crack, similar value of Efi will have been attained over a critical 
length parameter (tf) of the material(lS, l 9 ) so that 
\ 
( 4. 2 .1) 




However, evidence has also been presented by Sailor who 
showed that the critical length parameter is dependent on the grain 
size for a range of steels with varying strengths. In this model, 






where e: is the plastic strain at the physical crack-tip so that 
p 
= (4.2 .2 .a) 
where e:f is the uniaxial tensile fracture strain. 
Sailor showed that the critical length parameter of a ferritic 
steel was equivalent.to twice the grain size. 
CHAPTER FIVE 
. CONCEPT OF YIELD POINT 
5.1 Yield Point Phenomena 
In the tensile testing of non-ferrous metals or alloys, the 
typical load-extension curve usually shows aLgradual transition 
from elastic to plastic deformation (Figure 5.1). In such cases, 
the tenns "yielding", ."yield-point" or "yield-stress" are often 
used to describe the onset of plastic deformation in the mater.ials. 
It is now generally accepted that the 'yield-point' of these non-
ferrous materials is better described by the stress required to 
produce a specific small strain e.g~ 0.2%, and this is then 
referred to as the 0.2% proof stress for the material. In con-
trast, the load-extension curve for a low carbon steel displays a 
localised, heterogeneous transition from elastic to plastic 
deformation. (Figure 5.2). The load-extension curve follows an 
initial elastic relationship until a sudden drop in load signifies 
that the transition to plastic deformation has commenced. The 
stress corresponding to the abrupt decrease in load is termed the 
"upper yield stress" (a UY). Once the upper yield point is 
exceeded, the load extension plot then fluctuates about some 
approximately constant load value. The lowest stress value measured 
in this region is generally referred to a,s the "lower yield stress" 
_(aLy), while the extension and the corresponding strain value occurring 















FIG 5·1 A TYPICAL STRESS-STRAIN CURVE 
FOR A NON-FERROUS. METAL TESTED IN TENSION 
upper yield 
point 




FIG 5 · 2 A TYPICAL LOAD EXTENSION CURVE 
FOR A LOW CARBON STEEL TESTED IN TENSION 
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"Luder strain" respectively. In this thesis, the tenn "yielding" 
and its related properties will generally refer to the discontinu-
ous yielding of ferrous metals unless otherwise stated. 
Macroscopically, the discontinuous yield point can be explained 
by the following mechanism. 
At the upper yield point, a distinct band of plastically deformed 
metal appears at some points of stress concentration. This band is 
formed at approximately 45° to the tensile axis and is known as a 
"Luder band". Subsequently, this region of plastic deformation pro-
pagates along the specimen gauge length, causing the yield point 
elongation. Several Luder bands are usually fonned with the edge 
of each band acting as a further stress concentrator. As each 
plastically deformed band strain-hardens, further yielding and 
band propagation occurs until plastic defonnation has spread along 
the full length of the test-piece. At this point, the test load 
increases again as the gauge length continues to ~longate uniformly 
and nonnal strain hardening occurs. 
The yield stress is affected by several factors such as the 
test machine stiffness, axiality of load application, strain rate 
. ( 122) 
and the geometry and surface finish of specimens . 
5.2 Theoretical Models Of Yield Point 
Currently, two theoretical models of yield point of low carbon 
steels are recognised. They are: 
5.2.1 
(i) the Cottrell-Bilby( 123) model which attributes 
(ii) 
the cause of discontinuous yielding to unlocking of 
dislocations; 
(124) the more recent model of Hahn which suggests 
·that the mechanism responsible for discontinuous 
yielding is mobile dislocation nucleation at grain 
boundaries and points of stress concentration 
and their subsequent multiplication. 
The Cottrell-Bilby Theoretical Model (l23) 
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It has been well established that discontinuous yielding in 
mild steel is critically dependent on the quantity of interstitial 
carbon and nitrogen. The initial theoretical model of yielding 
proposed that an individual grain of ferrite matrix was surrounded 
b h . f'l f ·, (125) ya t 1n 1 mo cement1te • The cementite film restricted 
the deformation of the ferrite until the upper yield stress was 
reached. At this stress, the cementite film collapsed and the 
nucleus of a Luder's band spread across the specimen. 
This theory was later replaced by the Cottrell-Bilby model (l23). 
This theory postulates that yielding occurs by the unpinning of 
dislocations from the interstitial atoms in solid solution with the 
ferrite matrix. These interstitials had earlier segregated to and 
locked the dislocations. In the ferrite matrix, the carbon and 
nitrogen interstitial atoms are located in interstitial sites which 
are too small and hence cause lattice strain. This strain energy 
can be relieved by the migration of the interstitial atoms to the 
tensile region of edge dislocgtions where the lattice is itself 
dilated. Cottrell and Bilby ,estimated that a concentration of 
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. -6 
approximately 10 wt.% carbon was sufficient'to place one carbon 
atom on each dislocation per atom plane, assuming the normally 
8 -? 
accepted dislocation· density of 10 line-cm - fn annealed ferrite. 
This led to the inference of a binding energy of about 0.5 eV per 
atom plane. This energy level has to be.overcome by the applied 
strain, assisted by the thermal activation energy,· before yielding 
can occur. Later measurements by internal friction or by electrical 
resistivity techniques revealed that the number of atoms per 5'tls-
location plane was large, usually exceeding 10< 129>. Consequently, 
it was suggested that the upper yield point corresponded to the 
stress level at which dislocations broke away from their "atmosphere" 
of interstitial atoms, multiply, and thus forming the first Luder's 
band. 
Tlle Lowe·r Yield Stress was consequently defined· as the stress 
required for the propagation of Luder bands along the specimen. 
If, on a microscopic scale, these dislocations pile up against a 
grain boundary, a large concentration of stress is produced in the 
nearby regions of the adjacent grain. A force of (,: - ,:i) may be 
considered to have been tral)sferred from a blocked slip band of 
length 9., to the adjacent grain, 
where,: is the applied shear stress 
,:. is the friction sttess which opposes the glide of a 
J. 
dislocation in the slip band 
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By analogy between a slip band and a crack, linear elastic theory 
may be •Used to show that the stress at a distance r ahead of the 
blocked slip band is elevated to T('t:")1:i. Thus, assuming the 
existence of T - the critical shear stress value required to create 
C 
dislocations from the locked source, and taking r as the average 
· distance between the end of the blocked slip band and the nearest 
locked dislocation sources in the adjacent grain, the elevated 
stress caused by the dislocation pile-up gives rise· to yielding 
in the adjacent grain when 
- ' I If 9, = A,d, 
l, 
= 
where dis the mean grain diameter 
A/ ' t t i is a cons an , 




( ) (_l._) 
T - 'i 4r 
(5.2.l) 
(5.2.2) 
By assuming that the applied shear stress is equal to the lower 
yield stress, ~nd converting all shear stresses to their corres-
ponding tensile stresses, Equation (5.2.2) can be written as 
A1,d 1:i 
crc = ( cry - cr.) (-l.-) l. 4r (5.2.3) 
or cry = cri + k d-1:i y (5.2.4) 
ky = 2crc (!".,..) ½ A· 1 
where (5.2.4.a) 
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Equation (5 .2. 4) is generally known as the Hall.-Petch equation where 
a· and k are material constants( 127). 1 y 
5.2.2 The Hahn Theoretical Model (124 ) 
Later experimental work revealed that except for lightly aged 
steels ageing caused the value of ky to increase to a saturation 
value ky0 , which was independent of continual solute segregation 
. . . (128) 
and changes in test temperature • This observation implied that 
dislocations were strongly locked by Fe 3c and Fe 4N, and that mobile 
dislocations were not generated by unpinning. Hence, it was 
postulated that it was possible that new dislocations were nucleated 
from sources in, grain boundaries. 
If yielding were dependent on the generation of new dislocations, 
which multiplied rapidly under the applied stress, it is possible 
to assume that the new dislocations can continue to move at a lower 
stress. This led to the theory by Hahn which analysed the yield 
point behaviour of iron and related b.c.c. metals( 124). Hahn assumed 
that most of the original dislocations remained locked by their 
\ 
precipitates, and that the dislocations responsible for slip were 
heterogeneously nucleated and multiplied rapidly. The abrupt yield 
drop was then considered to be a consequence of rapid multiplication 
of dislocations and the stress dependence of dislocation velocity. 
In this model, the strain rate imposed by the machine£ must 
be matched by the elastic (E:e) and plastic (i::p) strain. rate so that 
E: = (5.2.5) 
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The elastic strain rate may be described in terms of the stress o, 
and the modulus Mt, descriptive of the net elastic response of the 
test specimen, grips and the test machine, so that 
= (5 .2 ~6) 
The plastic strain rate may be expressed in terms of the Burger's 
ve.ctor b, the dislocation density p', and the average velocity of 
dislocations v, so that 
0.5 b(fp')v (5.2. 7) 
where f is a constant 
0.5 b is the contribution of i1 single dis.location of unit 
length and unit velocity moving in a direction close 
to the ,maximum resolved shear stress 
. (124) 
Studies had shown that dislocation multiplication and 
straining may be described by a parabolic relationship of the form 
p' (5.2.8) 
where R and h are constants 
p~ is the average density of unlocked dislocations, i.e. 
those dislocations nucleated heterogeneously at inclusions 
or other discontinuities below the nominal stress level 
associated with significant dislocation mobility. 
7 ') 

















is a temperature 
(5.2.9) 
shear stress and is approximately equal 
shear stress corresponding to limit 
dependent constant 
If 60 is the stress increment required to maintain a given dis-
location velocity, and if a simple 'linear hardening law is assumed 
so that 
(5.2.10) 
It can be shown that 
(5.2.11) 
By combining Equations (5.2.5), (5.2.6), (5.2.7), (5.2.8) and 
(5.2.11), ary expression relating flow stress, plastic strain and 
strain rate may be obtained as 
. 
S 
1 dcr h -p 
= - - + 0.5 bf(p'0 + Rs ) (2, ) 1 Mt dt p o 
p 
(a - ms ) 1 p 
(5.2.12) 
I! (I 
By neglecting the elastic contribution, Equation (5,2.12) may be 
reduced to 
1 . 
(J mEP \ 2 To { ___ E _____ h_} P1 
0.5 bf{p~ + R£p) 
(5.2.13) 
Equation (5. 2 .13) thus describes a, model which is totally rigid-
plastic with an initial finite yield stress dictated by p~ and£ 
5.3 Summary 
It is now possible to conclude that abru~t yield will occur in 
an ordinary cubic structured metal if: 
(i) the initial number of mobile dislocations is low, 
and either 
(ii) the grain boundaries are effective barriers to mobile 
dislocations, or 
(iii) the internal stress opposing dislocation motion is 
sensitive to dislocation velocity. 
Annealed polycrystalline low carbon steels normally satisfy all 
three of the above requirements. Consequently, it is obvious that 





STATIC STRAIN AGEING 
6.1 General Characteristics Of Strain Ageing 
When a low carbon steel specimen (in annealed, as-rolled or 
normalised state) is strained to a point A in the strain-hardening 
region (Figure 6.1), unloaded, and then retested immediately, the 
steel will deform approximately elastically up to the previous 
applied load at A, and will then continue to deform plastically 
with strain-hardening (curve a) as if the test has not been inte.r-
rupted. The steel now behaves in a similar manner to any other 
metal where the dislocations are not pinned by atmosphere or 
precipitates. 
However, if the same specimen is allowed to 'age' either at 
ambient or elevated temperature after.it has been unloaded at 
point A before retesting in tension, the yield point returns at a 
higher stress (point B in curve b) than the flow stress at A of 
the non-aged steel. The steel is now said to have "strain aged". 
The return of .the yield point after strain ageing is also accom-
panied by an increase in the tensile strength and a reduction in 
ductility. Other properties affected by strain ageing include the 
fracture toughness, fatigue strength, and the magnetic and electrical 
. h h b ' ' b ' d( 129 ) properties; t ese ave een reviewed extensively y Bair • 
Furthermore, during deformation of a mild steel specimen tested 
0 0 











( Luder strain) 
Elongation 
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. FIG 6·1 LOAD-ELONGATION CURVE FOR LOW-CARBON 
STEEL, STRAINED TO POINT A, UNLOADED AND THEN 
RESTRAINED IMMEDIATELY (curve a) AND RESTRAINED 
AFTER AGEING (curve b) 
llY AND J.\U ARE CALCULATED ON ORIGINAL AREA 
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occurs. (See Chapter Nine.) 
6.2 Mechanisms Of Strain Ageing 
Strain ageing is effected by the segregation of interstitial 
atoms to the new dislocation sites formed by straining. Observations 
on the variation of tensile properties (Figure 6.2) have led to the 
t 1 · f t , . ( 130) pos u ation o a two-sage strain ageing process • 
During the first stage, the interstitial solute atoms are 
assumed to migrate to the dislocation sites to form Cottrell's 
atmospheres and hence the magnitude of discontinuous yield is 
related to the density of these atmospheres. Yielding at this stage 
appears to be caused by the unpinning of these dislocations. 
Consequently, this stage only affects the Upper and Lower yield points 
and the Luder strain. The strain-hardening part of the stress-
strain curve remains unaltered because straining beyond the Luder 
strain causes the dispersion of the Cottrell's atmosphere. If the 
interstitial solute content is very low, only this first stage of 
ageing can be observed. (Figure 6.3) 
During the second stage, it is postulated that precipitates 
are formed by the continual segregation of interstitials to dis-
1 . . , (130) ocation sites . Since the dislocations were fully locked at 
the end of Stage I, the locking contribution is now not significantly 
increased and so the Luder strain is not affected during the second 
stage. However, the formation of precipitates raises the general 
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Ageing time at 60 C, min. 
FIG 6·2 EFFECT OF AGEING TIME· ON CHANGES 
IN TENSILE PROPERTIES DUE TO STRAIN AGEING 
(PRE-STRAIN 4 %,) IN LOW CARBON RIMMED STEELS 
HAVING GRAIN SIZES (GRAIN/mm2) OF (a)SO (b)195 
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FIG 6·3 EFFECT OE INTERSTITIAL SOLUTE CONTENT 
ON CHANGES IN TENSILE PROPERTIES ClJE- TO STRAIN 
AGEING ( PRE-STRAIN 4°/o) IN tOW;..,CARBON RIMMED STEEL 
INTERSTITIAL SOW TE CONTENTS ( 1) 0·014 o/o ( 2} 0 ·0022 °/o 
( 3) 0·0005 °/o ( 4 ) 0 · 0002 °/o ( Ref 130) 
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the tensile strength. The corresponding increase in work hardening 
rate causes a reduction in the elongation at fracture (Figure 6.2). 
This stage is observed in most low carbon steels except those with 
extremely low interstitial solute contents (Figure 6.3). In his 
' ·the k' ' ' ' . ' d(129) d h review on inetics of strain ageing, Bair reporte tat 
Bullough and Newman's assumptions, namely, 
II (i) that rod-like precipitate particles are. formed 
along the dislocation cores, stabilised by a 
combination of chemical binding wi°thin. the parti-
cles and elastic interaction within the dislocation 
strain field, 
(ii) that the rate of transfer of solute across the 
interface into these precipitates becomes slower 
as segregation proceeds. " 
could be used to obtain the Harper Equation which ~odels the observed 
kinetics of strain ageing. The Bullough-Newman postulation of 
special precipitate formation has since been supported by the obser-
vation(l3l) that precipitates formed during the early stage of the 
second phase of strain ageing did not redissolve as readily as the 
precipitates formed·by quench ageing on reheating. This observation 
implied that the former had a higher bonding strength. 
Possibly in the later stage of strain ageing, further formation 
of discrete precipitates of carbides and/or nitrides on dislocation 
continued. On long ageing time and especially at high temperature, 
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these precipitates may coarsen and thus cause overageing as observed 
. ( 130) 
by Wilson and Russel (Figure 6.2). Overageing causes a small 
decrease in tensile strength and yield stress, and a small rise in 
elongation at fracture. 
6.3 Effects Of Ageing Temperature 
Currently, there is considerable evidence that strain ageing 
of a low carbon steel at temperature~ below 100°c is different in 
h f . . h. (129) c aracter ram strain ageing above tis temperature • It has 
been known that ageing of a low carbon steel at lower temperatures 
is predominantly due to interstitial nitrogen. This postulation 
has been supported by the fact that when the nitrogen is combined 
with strong nitride formers, the steel displays negligible strain 
. 0 0 _ ( 129 I 
ageing effects when aged at temperatures below 100 C to 150 c 
132) 
Above this temperature, some ageing is observed even in 
(129) . 
steels containing strong nitride formers , and is brought about 
by carbon. 
The equation relating strain ageing at different temperatures 
has be~n derived as(l 33): 
(6.3.1) 
where AH is a constant 
tr is the ageing time at ambient temperature Tr in deg. K 
t is the ageing time at elevated temperature Tin deg. K. 
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The values of~ have been shown to be 4400 for the diffusion 
of carbon atoms and 4000 for the diffusion of nitrogen (l 33). These 
are very nearly similar values of AH and suggest that the diffusion 
rate of carbon and nitrogen interstitials to dislocations should be 
1 1 h ' h t d' h ' 1 b · ( 129 ' near y equa, w ic con ra.icts t e experimenta o servation 
130) 
Hence, the rate of diffusion does not satisfactorily explain 
the observed preference for nitrogen dislocation locking at low 
ageing temperature. However, the maximum solubility of nitrogen in 
ferrite is higher than that Qf_ carbon (Figure 6.4). Furthermore, 
the equilibrium solubility temperature of iron nitrides Fe 4N and 
Fe 16N2 is lower and these precipitates consequently have lower 
stability than iron carbides( 129). The resolution of iron nitride 
therefore occurs more readily at lower ageing temperatures, thus 
providing a ready supply of interstitial nitrogen for dislocation 
locking. 
From observations of the maximum solubility data of carbon in 
ferrite and also the greater stability of carbide precipitates 
(compared to iron nitrides), it may.be deduced that carbon strain 
ageing in slowly cooled steels is negligible at temperatures below 
100°c. This deduction has been supported by experimental obser-
vations(l34). There is now considerable evidence that sufficient 
resolution of iron carbides occurs in normally cooled steels at 
0 temperatures of 150 C and above to cause appreciable strain ageing 
b b d. , l , l k , ( 135 , 136) y car on is ocation oc ing However, carbon strain 
ageing may still occur at temperatures _below 150°c if the steel is 
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FIG 6·4 SOLUBILITl~S OF NITROGEN AND CARBON 
IN IRON ( Ref 129) 
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super-saturated by rapid cooling from the austenite range. 
6.4 Effect Of Strain Ageing On •rensi1e Properties· 
Tensile properties of low carbon steels have been observed to 
vary in two distinct stages on strain ageing. 
(i) the first stage when dislocation locking is by 
"Cottrell atmosphere" dur.:j..ng which only the yield 
point properties are affected; 
(ii) the second stage when precipitation locking of 
dislocations occurs and ageing affects the Lower 
Y.:j..eld Stress, tensile strength and elongation at 
fracture. 
The effects of strain ageing on the grain-size dependency of 
yield properties as described by the Hall-Petch Equation (5.2.4) 
where 
h b , , d(130) as een investigate • Results (Figure 6.5) revealed that ky 
increased during the first stage of ageing while ai remained unchanged. 
On subsequent full ageing, ai increased but ky remained constant. 
These observations can be .explained by the then favoured Cottrell-
Bilby theory on yielding. The values of ky for the strain-aged 
state were also reported to be lower than the initial values of the 
annealed state. This was explained by the postulation that the 
. 40 . 
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FIG.6.5. EFFECT OF STRAIN AGEING IN A LOW-CARBON 
STEEL ON THE RELATIONSHIP BETW~EN THE 
LOWER YIELD STRESS (~y) and a-½; where 2d 
IS THEl MEAN GRAIN DIMIETER •. 
(a) ANNEALED STEEL; 
(b) STRAINED 4%; 
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(c) STRAINED 4% AND AGED TO THE END OF STAGE 17 




values of r in Equation (5.2.4.a) are lower in the strain-aged 
state. 
\ , ( 137) 
Later work by Wilson showed that ·: 
(a) The first stage of strain ageing is due to atmosphere 
locking of dislocations. The yield point behaviour 
during this stage is consistent with the Cottrell- ., 
Bilby theory on yielding, which suggests that mobile 
dislocations are generated at the yield-front by the 
unpinning process. Thus, for constant grain size, 
.the increase in yield strength ~oy during this stage 
is dependent on ky, which in turn is close to being 
proportional to the dislocation atmosphere density. 
(b) At the end of the first stage of ageing, continued 
solute segregation experienced a sudden drop in its 
effectiveness in raising the yield strength. At the 
same time, the Luder strain and ky became insensitive 
to continued solute segregation to dislocations. 
Yielding by unpinning is unlikely after the end of 
the first stage. Mobile dislocations are probably 
now being nucleated at grain boundaries, as suggested 
by Leslie and Keh(lJS). The mobile dislocation 
nucleation process is similar to that of the annealed 
steel. However, an anomaly in the values of ky was 






This had been explained by assuming that pre-
straining causes a reduction in the average local 
stress, ac , required to nucleate dislocations 
from grain boundaries.· It was further suggested 
that the slow rise of ky to the saturation value 
of kyannealed on continued ageing may be caused 
by the long range diffusion of solute ato~s from 
i 
grain interiors to the "damaged" grain boundaries. 
Effects Of Strain Ageing On Fracture Toughness 
The effects of strain ageing on fracture toughness parameters 
' such as Krc, JIC and COD are currently scarce due to the lack of 
systematic investigations, However, information on the transition 
temperatures obtained by the traditional notched bar impact tests 
· has been widely employed to illustrate the qualitative effects of 
strain ageing on fracture resistance. Currently, the shift in the 
transition temperature has been accepted as a measure of the 
severity of embrittlement caused by strain ageing. Strain age 
embrittlenJent has been observed to be dependent on .the amount of 
pre-strain and on the time and the temperature of the ageing treat-
ment ( 139, 140, 141) Assuming fully aged conditions were attained by 
artificially ageing at 100°c for three hours, the shift in tran-
sition temperature was shown by Pussegoda and Erasmus to be depen-












FIG 6·6a EFFECT OF PRE-STRAIN ON THE 
INCREASE IN THE CHARPY 27 JOULE IMPACT-
TRANSITI ON TEMPERATURE (lffv) DUE TO STRAIN 
AGEING IN NORMAL AND Ti-added GRADE 
275 STEELS (Ref 141) 
0 -..----41 i.-.-o-~20 ..... o_.,.,.30-0--
Ageing temperature (t) 
FIG 6·6b EFFECT OF AGEING TEMPERATURE ON 
Tl-£ INCREASE IN THE CHAR PY 27 JOULE IMPACT 
TRANSITION TEMPERATURE (lff 27) DUE TO 
STRAIN AGEING IN THE NORMAL AND Ti-added 
GRADE 275 STEELS (Ref 141) 
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in the transition temperature of specimens that were pre-strained 
by 5% and soaked at temperature for one hour was also shown to be 
. ( 141) 
dependent on the ageing temperature (see Figure 6 .6 .b) . • 
These results also show that strain age embrittlement is sensitive 
to the free nitrogen content and that embrittlement can be alle-
viated by the addition of suitable nitride-forming elements such as 
titanium. 
The theoretical analysis of the impact energy curve is still 
not well understood although Cottrell has derived an expression 
predicting that the transition from brittle to ductile fracture 
. h d b '11 h (l42 ) in a note e ar wi occur wen 
(6.5.1) 
where A 3 is the reciprocal of the stress intensification factor, 
cri and ky are obtained from the Hall-Petch Equation of 
k d-1:i cry= ai + Y 
Expressions for transition temperature have also been derived 
by Petch as(l43) 
where (i) 
(6.5.2) 
a.* is the temperature independent friction stress 
i 
given by 
= a.*+ C - AT 
i 5 
(6.5.2,a) 
where A5 is a constant 
(ii) A4 , Care constants 
(iii) k is given by 
(Jf = (J. f + kd-~ i , 
where Of is the flow stress at fracture and 
cri,f is the friction stress at fracture 
(iv) µ is the shear modulus 
(144) and by Erasmus as 
= 




The applicability of Cottrell's theory for fracture transition 
d b t . (6 5 1) h b ' ' d b · a( 129 ) as expresse y Equa ion . • as een investigate y Bair 
. using the results of Wilson and Russel (l 30). By evaluating the left 
hand side of Equation (6.5.1), Baird found that its value was 
highest in the annealed state and lowest in the strained state, while 
ageing caused an increase from the lowest value. Assuming that the 
surface energy y does not .alter significantly during straining and 
subsequent ageing, Baird's evaluation of Equation (6.5.1) implied 
that the transition temperature should decrease after pre-straining 
and then increase during ageing but would not exceed the transition 
temperature of the annealed state. This conclusion is contrary to 
experimental observations of increase in the transition temperature 
f . . d f h . . ub . , (129, a ter straining an a urt er increase during s sequent ageing 
139) . 
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FIG 6·7 EFFECT OF STRAIN AGEING IN A BASIC 
BESSEMER STEEL ON THE IMPACT TRANSITION 
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CURVE ( PRE-STRAINED 10 %, AND AGED AT 60 C) (Ref129) 
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It has been suggested that the value of y may vary according 
. ( 145) to the expression : 
y = (6.5.4) 
where A7 is a constant 
q is a constaht of value between 1 and 2 
By substituting for y as expressed above, Cottrell's criteria 
for fracture transition is even less compatible with the observed 
transition temperature increase on pre-straining although agree-
ment on subsequent ageing may be improved. 
Thus, even with the abundance of information on strain age 
embrittlement effects, the existing theories of fracture 
are still inadequate in elucidating the observed pattern of tran-
sition temperature changes. Discrepancy between theory and experi-
mental data could have many sources. These may include: 
(i) the empirical nature of impact testing methods, 
(ii) the fracture theory of Cottrell does not account 
(iii) 
(iv) 
for the effects of second phase particles, 
the behaviour of y is not sufficiently understood, 
(146) , (142) 




to detennine the number of pile-up dislocations 
necessary for the nucleation of the micro-crack in 
the derivation of Equation (6.5.1). 
The effect of strain ageing on the quasi-static fracture 
toughness obtained by the notched bend test was investigated by 
, (28) 
Burdekin . The pre-strain treatment consisted of firstly 
bending the notched specimen to open the root of the notch by 
O .15 mm and then closing it again with a reverse bend to the 
original dimension. This was followed by an artificiai ageing 
treatment of soaking at 250°c for 30 minutes. Burdekin found 
that this strain age embrittlement treatment of the notch-tip 
area produced a dramatic effect on the fracture crack opening 
displacement (see Figure 6.8). 
6.6 Control Of Strain Ageing In Steels 
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Since strain-ageing in steels is caused by the locking of 
mobile dislocations by interstitial carbon and nitrogen atoms, the 
reduction of strain ageing to tolerable levels obviously involves 
the reduction or the immobilisation of these interti tials. 
Currently, the popular methods of eliminating or reducing strain 
ageing include: 
(a) Annealing in suitable gas mixtures to reduce the carbon 
and/or nitrogen contents. Moist hydrogen treatment 
removes both carbon and nitrogen but the resulting 
, (14 7) 
non-ageing steel has poor strength • In contrast, 
dry hydrogen annealing removes only nitrogen and has 
, , (148) 
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(b) Reducing the concentration of "free" nitrogen with 
the use of suitable alloyi_ng elements combined with 
heat treatments to form the appropriate alloy 
nitrides. Vanadium is generally used a:s a nitriding 
element for rimmed steels whereas, boron, aluminium 
and titanium may be used in deoxidised steels. 
(c) Refrigerating at cryogenic temperatures to retard 
the diffusion of -interstitials. This method is 
obviously a temporary measure for short storage times 
and it has little commercial application. 






The L/D (Linz-Donawitz) Process . 
The phenomenon of strain ageing of low carbon steels can now 
be explained as a two-stage process. The initial stage.involves 
the locking of dislocations by Cottrell's atmosphere of nitrogen 
and carbon interstitials while the formation of "rod-like" pre-
cipitates on dislocations dominates the second stage. The theo-
retical analysis of the kinetics of strain ageing in steels have 
been reviewed extensively and the theories appear to describe the 
. (129) 
two stage mechanism adequately • 
The effects of strain ageing on tensile properties and the 
impact fracture toughness of low carbon steels have been documented. 
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The theoretical treatments on the variations of various tensile 
properties are well established and appear to show good agree-
ment with experimental evidence. However, the embrittlement1 effects, 
although widely recorded and acknowledged, still, lacJc adequate 
I 
theoretical explanations. 
Overageing which occurred after long ageing time with the 
consequent "softening" of tensile properties has been reported. 
However, the fracture resistance does not display a similar 
d If II 1 , , ( 139) ten ency to recover after ong ageing time . 
Commercially, reduction of strain ageing of steels can be 
effected by annealing in dry hydrogen or by the manufacture of low 
nitrogen steel. The common alloying elements include chromium, 




In this chapter, the objectives and the experimental pro-
cedures for determining the fracture toughness of three low carbon 
steels will be presented; and unless otherwise stated, the results 
and the related discussions of this se.ries of experiments will be 
presented in Chapter Eight. 
The different experimental techniques used in this series 
of experiments are listed as follows:-
(i) The ASTM KIC test for determining the fracture 
toughness at -196° C. 
(ii) The COD test for determining the minimum thick-
ness of valid plane strain fracture toughness 
me as uremen t. 
(iii) The Crack Opening Displacement (COD) test for 
determining the temperature dependence of fracture 
toughness in the vicinity of the fracture mode 
transition temperature. 
(iv) The Notched Ductility test. 
(v) The Charpy.V-notched impact test. 
(vi) Optical and scanning electron microscope exami-
nation of the structure, fracture surface topography 
and the fatigue crack-tip plastic zone. 
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7.1 Experimental Objectives And The Preparation Of Steels 
Three low carbon steels were selected for this series of 
experimental investigations and their chemical compositions are 
given in Table 7.1. The preparation of these steels and their 
experimental objectives are described as follows:-
(a) Steel A 
This steel was supplied by Pacific Steel Ltd of Auckland, 
New Zealand. The raw stock was supplied as a 3 m long, 102 mm x 
102 mm cross-section billet. The experimental objectives of this 
steel are summarised as follows:-
(i) To ascertain the effect of temperature on fracture 
toughness 
(ii) To establish the influence of grain refinement 
d b 1 · . . t . ( 150, 151) f cause y AN prec1p1 at1on on racture 
toughness to assess AlN precipitation as a nitrogen 
reduction method 
(iii) To ascertain the effects of strain ageing of the 
inherent crack-tip plastic zone on fracture tough-
ness by testing the steel in the as-rolled and 
low active nitrogen conditions 
(iv) To investigate the size criterion for the measure-
men t of size independent "plane strain" fracture 
toughness by the COD method 
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C .205 .205 .22 .22 
Mn .620 .95 .46 .46 
Si .120 .030 .10 .10 
s .041 .019 .031 .031 
p .026 .014 .010 .010 
Ni .11 .05 - -
Cr .10 .04 - -
Mo .01 .08 - -
Cu .22 .05 - -
Sn .031 - - -
V .001 - - -
Ti < .005 - - .039 
Al .03 - - -
Table 7.1 Chemical Composition Of Steels (% wt) 
{v) To compare the experimental data with the pre-
dictions made by the micro-fracture models of 
{15, 16, 17) d. d , 1 (18, 19 1 20) cleavage an ucti e 
failure. 
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For convenience of material handling, the steel billet was cut 
into 42 mm blocks and then divided into two groups. One group 
was subsequently subjected to an AlN precipitation heat treatment 
' ' 0 
consisting of three cycles of heating to 950 C and soaking at that 
temperature for two hours to ensure homogeneity before furnace 
cooling to 5oo 0c. At the end of the final cycle, the steel blocks 
were further furnace I cooled to ambient temperature. Surface decar-
burisation of the steel was minimised by the use of a fuel-rich town 
gas curtain in the furnace. The second steel group remained 
W1treated. 
Nitrogen analyses were conducted to detennine the amount of 
active Nitrogen present.in the two steels. The method of Nitrogen 
analysis was that of the United Steel Company which includes the 
separate determination of Nitrogen as acid soluble and acid inso-
luble(152). Since the soluble part consists mainly of Aluminium 
Nitride and active Nitrogen and that the Aluminium Nitride content 
( 15 3) 
can be determined by the Ester Halogen method , the active 
Nitrogen content may be estimated by the equation, 
% N 
active = % Nas Soluble nitride - % Nas Aln 
Details of the Nitrogen analysis techniques are given in Appendix 
A. 
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The results of the Nitroge·n analysis are shown in. Table 
I 
7.2. It can be seen that the AlN precipitation treatment did not 
elimiAate the presence of active Nitrogen completely but was 
successful in producing a steel of low Nitrogen and therefore 
low strain ageing propensity when compared to the as-rolled 
material. 
For convenience, the two steels will be referred to as the 
"As-Rolled" and "Hi-AlN" Billet Steels. 
(b) Steel B 
Steel B was made from casts produced b~ the BEA process to 
conform to Grade 275 of NZ3402P/73. The cast and Nitrogen ana-
lyses are given in Tables 7.1 and 7.2 respectively. 
The experimental objectives of this steel are as follows: -
(i) To establish the effects of strain ageing of the 
crack-tip plastic zone on fracture toughness. 
(ii) To compare the experimental fracture toughness 
data with the predictions made by the micro-
fracture models of crack propagation. 
(iii) To compare the quasi-static fracture toughness, 
KIC, with the Charpy Impact energy, Cv, so as to 
establish their empirical relationship. 
By referring to Table 7.2, it can be seen that the addition 
of Titanium to the Normal Grade 275 steel had reduced the active 
Material Billet Steel 
Pressure Vessel 
Steel 
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Insoluble 
.0006 .0006 .0010 
NAlN .0002 .0038 .0002 
N . 
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.0045 .0009 .0028 


















Nitrogen content substantially and consequen-tly resulted in two 
I 
steels of different strain ageing tendency. 
In the remainder of this thesis, the two groups of Steel B 
I 
shall be referred to as the "Normal" and "Ti-added" Grade 275 
Steels. 
(c) Steel C 
Steel C was obtained fr<;:>m a Pressure Vessel from Wellington 
which had been involved in a fatal accident. The chemical compo-
sition and Nitrogen analysis of this steel are again given in 
Tables 7.1 and 7.2 respectively. 
The experimental objectives of this steel are summarised as: 
(i) To compare the experimental fracture toughness 
data with the predictions derived from the micro-
fracture models of crack propagation. 
(ii) To empirically relate the quasi-static fracture 
toughness, KIC' with the Charpy Impact Energy, Cv. 
(iii) To detennine the effects of dynamic strain ageing 
on the fracture toughness in Part 2 of this thesis. 
This steel shall be referred to as the "Pressure Vessel Steel.,. 
in the remainder of this thesis. , 
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7.2 
7. 2 .1 
Fracture Toughness Test 
( 3) 
The ASTM KIC Test 
The ASTM KIC test was used to detennine the fracture toughness 
. Q / 
of the Pressure Vessel and ,the Grade 275 Steels at -196 C for the 
purpose of establishing the validity of the predictions made by 
. (15 16 17) 
the cleavage fracture model ' ' in the these steels. 
(a) Specimen Preparation 
The specimen selected was the compact tension type. This 
specimen design was chosen because it was the most economical from 
the material points of view. The specifications of the specimen 
are given in Figure 7.1. The specimen size selected for this 
series of tests was 10 mm .thick and the crack plane orientation in 
relation to the direction of rolling of the raw stock is given in 
Table 7. 3. , 
To facilitate the nucleation of the fatigue crack, a modified 
form of the chevron notch( 3) was adopted (see Figure 7.3). The 
final crack starter was introduced by cutting the notch-tip with a 
metal file which had a thinned-down cutting edge with a root radius 
of approximately 60 µm. The fatigue cracking was conducted on an 
Amsler High Frequency Vibrophore (see Plate 7 .1) • The maximum load 
amplitude of the stress cycle was kept low so that the stress 
intensity during fatigueing .would remain below 60% of the apparent 
' ( 3) 
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Specimen Thickness Crack Plane 
(mm) Orientation * 




Grade 275 Steel 10 L-R 
* See Figure 7. 2 
















FIG. 7·2 CRACK PLANE IDENTIFICATION OF THE 
(a) PRESSURE VESSEL & BILLET STEEL SPECIMEN. 
lb) GRADE 275 STEEL SPECIMEN. 
0·70W ± O·OOSW 
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PLATE 7 ·1 FATIGUE CRACKING OF A COMPACT TENSION 
SPECIMEN ON THE AMSLER VIBROPHORE 
llG 
load amplitude was further reduced during the final 20% of fatigue 
cycling. A brief summary of the fatigue cracking history is given 
in Table 7.4 
The propagation of the fatigue crack was monitored visually 
with the aid of a magnifying glass so as to ensure that the ratio 
of crack length/specimen width,~, would fall wit~in the range of 
0.50 ± 0.05. Later examination of the fracture surfaces of broken 
specimens revealed that the above limit placed on the ratio~ 
was met adequately. 
The cracked specimens of each of the two Grade 275 steels were 
sub-divided into two further groups. One group was tested immedia-
tely after fatiguing or where this was not possible stored at -7o0 c 
for a maximum of 48 hours while the other group was subjected to an 
ageing treatment of 30 hours at so0 c before testing. The Pressure 
Vessel Steel specimens were tested in the as-fatigued condition. 
(b) Test Procedure 
The KIC testing was conducted on an Instron 250 KN maximum 
capacity Universal Testing Machine. The test specimen was immersed 
in liquid Nitrogen in an Amsler Enviromental Test Chamber (Model 
number TV742). The test was conducted at a crosshead speed of 
0.5 
. -1 
mm-min For the purpose of ensuring temperature homogeneity, 
the specimen was immersed in the coolant for a minimum of 15 









Table 7 .4 
Initial Maximum 
Final Load Amplitude Approximate Ntmlber Of 
Load Amplitude 
(KN) Stress Cycles (10 3) · 
(KN) 
1.5-1.8 1.0 500-1000 
' 
1.5 . 1.0 500-1000 
1.5 1.0 500-1200 





(c) Analysis Of Results 
The typical test record of these tests consisted of a graph 
of applied-force versus crosshead displacement, as shown in 
Figure 7.4. Although an extensometer was not used in these tests, 
-- I . 
no "pop-in" was o,bserved indicating that the instability load, P Q 
could be used to calculate the apparent fracture toughness value 
KQ by using the equation 
7 9 
1017(~)7" + 638.9(~)"2"} 
where a is the crack iength 
w is the specimen width 
Bis the specimen thickness 
(7.2.1) 
The thickness dependence of KQ was then assessed by using the 
size criterion 
where a is the crack length 
W - a is the uncracked ligament length 
Bis the specimen thickness 









Pa -- - ---- spontaneous 
fracture 
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FIG 7 · 4 TYPICAL ASTM K1c TEST RECORD 
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When the size criterion was satisfied, the apparent fracture 
toughness, KQ, was accepted as the valid thickness independent 
"plane strain" fracture toughness, K • 
IC 
7.2.2 COD Test For Determining The Minimum Size Criterion 
(a) Specimen Preparation 
The specimens used in this experiment were of the 
compact tension type with thicknesses of 3, 4, 7, 10, 20 
and 30 mm machined from the As-Rolled Billet Steel.' 
The preparation of the 10, 20 and 30 mm thick specimens 
was similar to that described in Section 7.2.1.a with 
the crack plane being in the S-T direction (see Figure 
7. 2) • The 3, 4 and. 7 mm thick specimens were obtained 
by machining the uncracked ligament area of the fatigue 
cracked l0·mm thick specimens down to size so that they 
would fit the standard 10 mm test specimen grips. The 
specimens were tested at ambient temperature. 
(b) Test Procedure 
The specimens were tested on the Instron Universal 
Testing Machine and SIL-21 rubber was used to produce a 
replica of the crack-tip profile at regular load intervals, 
both prior to and after the attainment of maximum load. The 
mid-thickness section of each of these crack-tip replica 
were then examined under the Nikon (Model 6C) Shadowgraph 
7 .2. 3 
and the COD at the instance of initial stable crack 
extension measured. 
The position of the crack-tip was determined by 
measuring the actual distance between the fatigue 
crack-tip and a reference point, usually taken at the 
chevron crack starter tip on the fracture surface of 
the broken specimen. Thus, a reasonably accurate 
assessment of the COD at the instance of initial stable 
crack extension regardless Qf whether it was sufficient 
to cause structural instability (i.e. at maximum load), 
could be made • 
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Crack Opening Displacement (COD) Test For Determining The 
Temperature Dependence Of Fracture Toughness 
The purpose of this series of test was to establish the te~-
perature dependence of fracture toughness in the vicinity of the 
fracture mode transition temperature~ All three low carbon steels 
were tested in this manner. 
(a) Specimen Preparation 
The compact tension specimen type was chosen for 
this series of tests. The specimen and the fatigue crack 
starter specifications were similar to those given earlier 
in Figures 7.1 and 7.3 respectively. The range of speci-
men thickness and their crack plane orientations are 
given in Table ..., r= I • "J • 
The fatigue cracking was conducted on the Amsler 
High Frequency Vibrophore. A brief summary of the 
fatigue cracking history is given in Table 7.6, while the 
detailed infonnation is given in Appendix D. 
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Precautions similar to those described in Section 7.2.1.a 
were followed to ensure that the ratio of(~) remained 
within 0.50 ± 0.05. The fatigue cracked specimens were 
either tested immediately after fatiguing or stored 
at -7o0 c for a maximum of 48 hours prior to testing to 
ensure a minimal degree of ageing. The Grade 275 and 
the Billet Steels were also aged prior to testing, for 
this ageing treatment the fatigue cracked specimens 
0 . 
were soaked at 80 C for 30 hours, However, the unex-
pected fracture behaviour of the Hi-AlN Steel (see 
Section 8.2) caused the abandonment of the initial plan 
to investigate the effect of strain ageing of the crack-
tip plastic zone on the fracture toughness measurement 
of the Billet Steel. 
(b) Test Procedure 
The COD tests were conducted on the Instron Universal 
Testing Machine. For sub-ambient test temperatures, the 
test specimens were surrounded by a helical copper tube 
enclosed in a polystyrene enviromental chamber. Temperature 
control was effected by regulating the flow of liquid air 
Materials 
Specimen Thickness Crack Plane 
(mm) Orientation* 
Billet Steel 10, 20, 30 / S-T 
Pressure Vessel 
10 T-L Steel 
I 
Grade 275 Steel 10 L-R 
* See Figure 7.2 
Table 7 .5 The Range Of Specimen Thickness And The Crack 
Plane Orientation Of The COD Specimens 
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Material 
10 mm Thick 
Billet 
20 mm Thick 
Steel 
30 mm Thick 
Pressure Vessel Steel 
Grade 275 Steel 
Table 7 .6 
Average Initial Maxirnl..lltl Average Final Load Approximate Number 
Load Arnpl.i tude Amplitude Of Stress Cycles 
(KN) (KN) {103) 
2-2 .5 1.0 150-500 
9-11.0 3.0 100-500 
20-24 5.0 700-1000 
2-3 1.0 100-700 
2.5-3.0 1.0 100-600 




through the copper tube. The test equipment is shown 
in Plate 7 .2 .a. 
The temperature of the test specimen was monitored 
I 125 
by two Phillip PR64C213/60 Ni-NiCr thermocouples attached 
to the crac~-tip region of both specimen surfaces. The 
possible existence of a through thickness temperature 
gradient had been investigated and these details 
are given in Appendix c •. Prior to the commencement of 
the COD test, the specimen was soaked at the desired 
temperature for a minimum of 15 minutes to ensure steady 
state condition. The specimen was then tested at a 
-1 
crosshead speed of 0.5 mm-min . The tests were conducted 
over a temperature range of -so 0 c to 25°c. 
(c) The Monitoring Of Crack Opening Displacement 
The crack opening displacement was measured indirectly 
with an Instron A384-1B clip-on type extensometer. As it 
was not feasible to attach the extensometer across the 
crack directly in the sub-ambient temperature COD tests, 
two Nilo low expansion extension arms were used (see 
Plate 7.2.b). The system was calibrated using a silicon 
ubb k . l . , h . ( 71, 80 , 84) r er crac -tip rep ication tee nique to 
determine the COD-extensometer displacement (V) relation-
g 
ship. Details of the calibration technique are given in 
Appendix B. In the actual COD tests, the extensometer was 
also calibrated against displacement recorder-pen of the 
PLATE 7·2 
{a) THE COO TEST EQUIPMENT 
( b) THE EXTENSION ARMS OF 
THE COD CLIP- ON TYPE 
EXTENSOMETER 
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Instron Testing machine prior to every 1test or daily 
when more than one test was performed per day. 
(d) Analysis Of Results 
The typical COD test record was in the form of a 
graph of applied force (P) versus extensometer displace-
ment (Vg). The critical value of v9 was determined in 
accordance to the method recommended in the BS-DD 19, 
which may be briefly described as:-
(i) The value of v9 at the instance of spontaneous 
instability provided that the maximum load had 
not been exceeded (see .Figure 7.5.a) 
or 
(ii) The value of Vg at maximum load (see Figure 7.5.b). 
The critical COD was then evaluated by referring 
to the experimental calibration. The raw data from 
this series of tests is given in Appendix E. It should 
be noted that the use of maximum load COD as a critical 
instability criterion could be inaccurate when sub-
critical stable crack extension occurred prior to insta-
bili'ty(lS, 83). th' . f i t th' In is series o exper mens, is pro-
blem was surmounted by using the silicon rubber crack-
. l' · h ' (7l, SO, 94) det i h th tip rep ication tee nique to erm new e er 
the maximum load COD was a suitable instability criterion. 











FIG 7·5 TYPICAL APPLIED FORCE- DISPLACEMENT 
RECORDS OF THE COO TEST 
7.2.4 
pre-detennined load levels and then producing the crack-
tip replica with the SIL-21 hardening rubber. The 
openings at the crack-tip were then examined and measured 
under a Nikon (model 6C)Shadowgraph in the manner des-
cribed earlier in Section 7.2.2. The result of this 
investigation will be included in the next chapter. 
Notched Ductility Test 
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This test was necessary to provide the notched ductility data 
for the comparison of experimental fracture toughness with the pre-
dictions made from the non-metallic inclusion fracture model(lB, 
19) 
in which the notched ductility, £fi , is related to the COD 
at the instance of initial crack extension, oi , by Equation (4.2,1) 
i.e. 
where if is the average non-metallic inclusion particle spacing 
The technique used in determining the notched ductility had 
. ( 22) 
been reported earlier ·• The method involved measuring the 
instability COD of fracture toughness specimens with notches instead 
of fatigue cracks to obtain a graph of the critical COD at insta-
bility versus the slot-width of the notch. The slope of the linear 
part of this graph would provide a measure of the notched ductility. 
The specimens used in this test were the 10 mm compact tension 
type machined from the Pressure Vessel and the Grade 275 Steels. 
Apart from the fatigue crack induced in the manner described in 
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Section 7.2.1.a, notches with slot-widths of 300, 650 and 950 ~m 
were produced by using a jeweller's saw and hand-saw blades which 
had been pre-gro~d down to suitable thicknesses. These notches 
were cut with care to ensure that the notch front remained para-
llel to the front face of the specimen. A typical illustration of 
the notch profile produced in this manner is given in Plate 7.3. 
This photograph shows the side-on profile of a notch cut by the saw 
blade on a piece of mild steel plate examined under the Jeol JSM 35 
Scanning Electron Microscope. The average values of the slot-
width were measured from the replicas of the notch-tip prepared 
with the SIL-21 hardening rubber. The mid-thickness section of 
these replica was examined and measured under the Nikon (Model 6C) 
Shadowgraph to provide the slot-width values values given earlier. 
The specimens were then tested on the Instron Universal 
Testing Machine and the COD at the instance of instability by 
stable crack extension measured from the SIL-21 rubber replica of 
the crack-tip obtained under load. The techniques of testing and 
locating the crack-tip were similar to those described earlier in 
Section 7.2.2.b. 
7.3 Tensile Test 
Three different series of tensile tests were performed with 
the following aims:-
(i) To establish the temperature dependence of the lower 
yield stress, crLY , of the three experimental steels 
used in the fracture toughness test. 
PLATE 7· 3 TYPICAL SIDE- ON PROFILE 
OF THE NOTCH OF THE COO TEST 
SPECIMENS USED IN THE NOTCHED 
DUCTILITY TEST. 
( magnification = 75 
slot width = 300 ~ m) 
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(ii) To establish the true stress-true strain relation-
ship: 
(7.3.1) 
where a is the true stress 
£ is the true strain 
n is the hardening index 
K is the strengthening coefficient s 
so as to establish the applicability of the 
Sailor's model of ductile fracture 
(20) 
which 
relates the COD at the instance of crack insta-
bility (oi), the uniaxial fracture strain Ef 
and the average grain diameter, dg by the 
Equation 
0. 
ln (2~ ) 
g 
(7.3.2) 
(iii) To establish the tensile properties of the three 
0 steels at -196 C for the purpose of investigating 
the applicability of the cleavage fracture model 
where the fracture toughness KIC is related to 
the fracture stress, crF, by the Equation 
= (4.6.6) 
· where X0 is the "charecteristic" distance, reported 
to be 1 ·to 2 times the average grain diameter. 
7.3.1 
(iv) To ascertain the effect of strain ageing on the 
tensile properties of the Billet and the Grade 
0 
275 Steels measured at -196 C so that the effects 
of strain ageing on KIC and the tensile properties 
can be compared. 
Specimen Preparation 
1.33 
The specimen design described below is common to all three 
series of tests. The dimensions of the tensile specimens were 
based on those of the No. 14A specimens of the Hounsfield Tensometer 
Tensile specimen handbook. Slight modification to the standard 
dimensions were introduced so that the specimens could be adopted 
for testing on the Instron Universal Testing Machine. The dimen-
sions and the machining sequence of the tensile specimen are shown 
in Figure 7.6. The tensile specimens used in the -196°C testing 
were given additional polishing and finish polished with Grade 
600 emery paper to eliminate the notch effects of machining marks. 
The specimens were machined from the raw stock in the direction 
relevant to the COD testing (see Figure 7. 7) • 
7.3.2 Test Procedure 
(a) Fracture Toughness Related Tensile Test 
As stated earlier, the aim of these tests was to esta-
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( a) the billet steel 
( b) the pressure vessel steel 
(c) the grade 275 steel 
FIG 7 · 7 ORIENTATION OF TENSILE SPECIMENS { arrows 
indicate direction of rolling) 
steels at temperatures relevant to tho fracture toughness 
test. The lower yield stress needed for the ASTM low 
temperature Krc test will be supplied by the test 
described later in Section 7.3.2.c. 
This series of tests was conducted ·over the tempera-
o 0 
ture range of -90 C to 25 Con the Instron Universal 
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Testing machine. As the specimens were tested over a range 
of sub-ambient temperature with the use of the polystyrene 
enviromental chamber (see Section 7.2.3.b), the use of 
extensometer was not feasible without elaborate modifi-
cation. However, since the aim of these tests was to 
establish the lower yield stress, the test records of 
applied force versus cross-head displacement supplied 
adequate information. As in the COD testing, the test 
specimens were allowed to soak at the desired temperature 
for a minimum of 15 minutes to ensure steady state tern-
I 
per_ature. The temperature of the specimen was- monitored 
by attaching a Phillip PR64C213/60 Ni-NiCr thermocouple on 
the gauge area of the specimen. The tests were performed 
-1 
at a cross-head speed of 0.5 mm-min to entail a strain 
-4 -1 
rate of approximately 2.8 x 10 sec • 
In the analysis of the test results, it was found that 
the Hi-AlN Billet steel failed without any sign of yielding 
and with little plastic deformation (see Figure 7.8.b). 
The failure appeared to have occurred by tearing between 
the transverse non-metallic inclusion particles. As the 
137 
1°r 10 
f instability by ductile tearing 
instability 
8 by ductile 8 I,,, 
tearing 
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o......,. _______ ....., 
crosshead displacement 
( a) as-rolled (b) Hi-AlN billet steel 
FIG 7 · 8 TYPICAL TENSILE TEST R ECOROS 
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AlN precipitation heat treatment can cause grain refine-
ment thus resulting in an elevated yield and flow stresses 
(150, 151) 
, it was decided that the ambient 1temperature 
flow stress of the As-Rolled and the Hi-AlN Billet Steels 
in t;he orientation longitudinal to th.e rolling direction 
would be measured using similar tensile specimen design 
and test equipment. The· flow stress of the Hi-AlN in 
the transverse direction was estimated by ev~luµting the 
/ 
''instability" stress determined by the applied 'force at 
the instance of instability. 
(b) The True-Stress True-Strain Test 
This series of tests was conducted at ambient tern= 
perature on an Avery type 7102 CCH Universal Testing 
Machine. The test technique involved the measurement of 
the instantaneous applied force, Pi , and the correspond-
ing instantaneous specimen diameter, D, • The instanta-
1. 
neous stress, a. , and the instantaneous plastic strain, 
1. 








2 ln (~) 
D. 
l. . 
where D0 was the initial specimen diameter. 
(7.3.1) 
(7.3.2) 
Graphs of log oi versus log 8P, were then used to establish 
1. 
the strain hardening index, n, and the strengthening 
coefficient, Ks . These graphs are given in Appendix 
F. The fracture strain, e:f , was estimat_ed by substi-
tuting the specimen diameter at fracture, DF, in 
Equation (7.3.2). It should be noted that the Hi-AlN 
steel could not be used in this series of tests because 
of the unusual failure behaviour described in Section 
7.3.2.a. 
(c) The Liquid-Nitrogen-Temperature Tensile Test 
These tests were performed on the Instron Universal 
Testing machine at a cross-head speed of O. 5 mm-min-l 
The desired specimen temperature of -196°c was attained 
by immersing the test specimen and grips in liquid 
Nitrogen contained in the Amsler Enviromental Test 
Chamber (Model No. TV42). Once again, the use of exten-
someter was not feasible without elaborate modification 
to the standard grips. However, since the purpose of 
these tests was to measure the upper and lower yield 
stress and the fracture stress and strain, the test 
record of applied force versus cross-head displacement 
supplied adequate information (see Figure 7,9). Before 
the commencement of each test, the specimen was immersed 
in liquid Nitrogen for a minimum of 15 minutes to ensure 
temperature homogeneity. 


















cross head displacement 
FIG 7 · 9 TYPICAL TENSILE TEST RECORD AT -196°( 
in the usual manner from the test record. The fr~cture 
stress was estimated by using the load value, PF, at 
fracture with the equation 
141 
(7.3.3) 
where DF is the specimen diameter at fractur~ 
This was possible because of the brittle nature of th~ 
fracture. The fracture strain, ef, was estimated by 
the equation 
D 
ef = 2 ln-2 
DF 
where D is the initial specimen diameter 
0 
DF is the fracture specimen diameter. 
(7.3.4) 
Specimens machined from the three experimental steels 
were tested in the above manner. However, in the Billet 
Steel the fracture occurred by decohesion_ at transverse 
non-metallic inclusion particles. Consequently, no meaning-
ful data could be obtained from the testings of these steels. 
In addition, the effect of strain ageing on the tensile 
. 0 
properties measured at -196 c was also investigated using 
specimens machined from the two Grade 275 Steels pre-strained 
by 5%, 10% and 15% followed by an ageing treatment of 30 hours 
0 
at 80 c. 
7.4 Calculation Of K From COD Test Results IC 
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Although the BS-DD 19/72 COD test procedure does not define a 
limit on the specimen size for the evaluation of thickness inde-
pendent "plane strain" fracture toughness, it is possible to infer 
the value of such a limit indirectly from 
(i) The plane-strain size limit for the J-Integral 
(lQ I 29) 
test, which was reported as 
and (ii) 
JIC 
a, B, W - a~ 25 
Oy 
where a is the crack length 
Bis the specimen thickness 
W - a is the uncracked ligament length 
(7.4.1) 
JIC is the "plane strain" critical J-Integral 
Oy is the yield stress 
and that J is related to the plane strain Critical 
IC 
Stress Intensity Factor, Krc, by the equation 
( 7 .4. l.a) 
where Eis the modulus of elasticity 
vis the Poisson's ratio. 
h f ' k d ' (ll} The report tat or pre-fatigue crac e specimens 
= (7.4.2) 
where o0 is the critical COD at instability. 
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These two observations can be combined to yield a size limit 
for the COD test as 
a, B, w - a~ 25 oc (7.4.3) 
Thus, by using the maximum value of the experimental critical 
COD as the conservative value, the size criteria of the COD test 
could be predicted and compared with the experimental results 
obtained by the test described earlier in Section 7.2.2 
The conservative value of K were evaluated by using Equation 
IC 
(3.2.11) with M = 1 so that 
2 
K . 
cn.t. __ v 2 ) 
E (1 = 
where oLY is the lower yield stress 
o is the critical COD at instability 
C 
K . is the critical Stress Intensity Factor 
cn.t 
Eis the modulus of elasticity 
By substituting the appropriate values of E and v of low carbon steel, 
h ( 189) were 
3 -2 
E = 207 x 10 MN-m 
v = 0.3 
Equation (3.2.11) becomes 
(7.4.4) 
-2 
with oLY in MN-m and oc in µm · 
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7.5 Charpy V-Notched Impact Test 
The Charpy V-Notched Impact tests were performed with the aim 
of assessing the empirical correlation between the quasi-static 
fracture toughness KIC and the Charpy V-notched impact energy, Cv 
(a) Specimen Preparation 
The Charpy V-notched specimens were prepared from the 
Pressure Vessel and the Grade 275 Steels in accordance with 
the specifications of BS 131 Part II/1972. The orientation 
of the notch plane in relation to the rolling direction of 
the raw stock is shown in Figure 7.10. The Pressure Vessel 
specimens were tested in the as-rolled condition while each 
of the two Grade 275 Steels was divided into two groups; 
one group subjected to a 5% pre-strain and subsequently aged 
for 30 hours at so0 c before.testing and the other group 
tested in the as-rolled condition. 
(b) Test Procedure 
The tests were perfo:r:med on an Avery Impact Testing 
machine with a striking energy of 298J and a strike velo-
-1 
city of 5 Ms , in accordance with the BS 131 specifi-
cations. The specimens were cooled by immersion in a 
petroleum ether and dry ice mixture for sub-ambient tem-
perature tests, while hot oil was used as the heating 
medium in elevated· temperature tests. A minimum soak 




FIG 7-10 THE NOTCH PLANE ORIENTATION OF THE 
CHARPY SPECIMEN MACHINED FROM 
a)· the pressure vessel steel 
b) the grade 275 steel 
to ensure temperature homogeneity. The raw data of the 
Charpy tests are given in Appendix G. 
7.6 Micro-Examination 
Two types of micro-examination were performed. They were 
(i) Optical microscope examination 
· (ii) Scanning electron microscope examination of the 
fracture surfaces of broken fracture toughness 
test specimens. 
7.6.1 Optical Micro-examination 
Optical micro-examination was needed to provide data for 
(i) The average grain size of the experimental steels 
(ii) The average inter~inclusion particle spacing of 
the experimental steels 
(iii) The identity of the type of non-metallic inclu-
sion particles. 
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The experimental technique involved the preparation of micro-
specimen by polishing the relevant metal surface with suitable 
grades of emery paper in the usual manner and then finish polished 
with industrial diamond paste of½ µm grit size. The specimen was 
then flushed with ethyl alcohol and washed with acetone in an ultra-
sonic cleaner before being examined and photographed under an 
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Olympus Optical Microscope at suitable magnification for the 
assessment of the average inter-inclusion particle spacing. The 
specimens were subsequently etched in 2% Nital solution for 15 to 
30 seconds, flushed with ethyl alcohol and washed again in acetone 
in an ultra-sonic cleaner to provide micrographs for the purpose 
of grain size measurement and the identification of the type of 
non-metallic inclusion particle. 
The grain size was estimated by the Linear Intercept method as 
illustrated in Plate 7.4. Briefly, this method involyed drawing 
parallel straight lines of fixed total length, L, on the micro-
graphs and then counting the number of intercepts, Ni , made by 
these lines with grain boundaries. The average grain diameter, dg, 




N, x (magnification factor) 
1 
(7.6.1) 
A minimum of 300 interceptions per micrograph was counted to ensure 
an accurate assessment of the grain diameter. 
The parallel line intercept method could not be used to measure 
the inclusion spacing because of the small sizes of the inclusion 
particles. Instead, the inclusion spacings were estimated by a 
di f . . f h ' . . t h d ( lS 4) mo 1cat1on o t e ASTM grain size measuremen met o . This 
modified method measured the distance between intercepts made by 
drawing lines through the particles on the micrograph. Although 
this method may not possess the same degree of accuracy as the grain 
size measurement method or the data obtained by using the Quantimet 
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PLATE 7·4 TYPICAL EXAMPLE OF THE LINEAR 
· INTERCEPT METHOD FOR GRAIN SIZE DETERMINATION. 
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microscope, a reasonably representative value was obtained by 
ensuring a minimum of 100 intercepts. 
7.6.2 . Scanning Electron Micro-Examination 
The fracture surfaces of broken fracture toughness test speci-
mens were examined under the Jeol JSM 35 Scanning Electron Microscope 
.with main objective of determining the mode of separation at the 
instance of initial crack extension. In the cases of unusual 
fracture appearance and also when ductile fracture occurred, the 
chemical composition of the fracture surface was qualitatively 
assessed by the Energy Dispersion Analyser of the Jeol JSM 35 
Scanning Electron Microscope. 
7.7 Micro-Examination Of The Fatigue Crack-Tip Plastic Zone 
10 mm thick compact tension specimens were prepared from a 
special high-Nitrogen-low-carbon steel for this examination. The 
chemical composition of this steel is given by wt-% as follows: 
C Si s 




.210 .005 .012 
The specimen was fatigue cracked with a maximum load amplitude 
of 2.5 KN until the ratio of crack length to specimen width, i.e. 
a 
w was approximately 0.5. On the completion of fatigue cracking, 
the specimen was subjected to an ageing treatment of 30 minutes at 
250°c. The aged specimen was then sectioned at mid-thickness by a 
150 
cut-off wheel to reveal the mid-thickness surface. This surface 
was then polished on coarse grade emery paper to remove a minimum 
of 0.5 mm of the top layer and subsequently polished in the usual 
manner before finishing off with diamond paste of 0.5 µm grit. 
The polished specimen was then etched by immersion in Fry's 
reagent for 10 seconds. The Fry's reagent us~d had the following 
composition 
HCl 
45 g 180 ml 
After etching, the specimen was flushed with ethyl alcohol and 
washed by acetone in an ultra-sonic cleaner. The specimen was then 
exa1nined under the Olympus Optical Microscope and the Scanning 
Electron Microscope. Micrographs of the etched mid-thickness crack-
tip area were prepared~ 
7.8 Summary 
The objectives and the techniques of the experimental measure-
ment of the fracture toughness and its related material properties 
of three low carbon steels have been presented. The results of 
these experiments will be presented and discussed in the next chapter. 
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CHAPTER EIGHT 
RESULTS AND DISCUSSIONS 
8.1 Accuracy Of Experimental Techniques 
( a) Temperature Monitoring 
As the temperature of the COD test specimens were not con-
trolled by immersion in a liquid medium, it was necessary to assess 
the possible existence of a through-thickness temperature gradient 
in the test specimen. This tmcertainty was investigatced experimen-
/ 
tally and the details are supplied in Appendix C. The results of 
this investigation, shown in Figure 8.1, revealed that within the 
relevant COD test temperature range of -9o0 c to 25°c, the maximum 
magnitude of through-thickness temperature variation was less than 
1°c. This small temperature variation can be regarded as insigni-
ficant as far as the accuracy of the test temperature is concerned. 
(b) Extensometer Calibration 
The rubber crack-tip replication method was used to calibrate 
the extensometer with the actual crack opening displacement. This 
was necessary because the mounting of the extensometer on a pair of 
Nila low expansion extension arms could have introduced a higher 
degree of uncertainty into the theoretical calibration methods 
which were originally proposed for direct extensometer mounting on 
, ( 2 3, 79) 
the test specimen The details of this experimental cali-
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FIG. 8·1 GRAPH SHOWING THE THROUGH THICKNESS 
DIFFERENCE IN SURFACE· AND MID-SECTION 
TEMPERATURES OF COD TEST SPECIMENS 
AFTER 15 MINUTES AT TEMPERATURE 
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8.2. The results confirmed earlier reports that the location of 
the "hinge-point" of rotation initially varied with small scale 
yielding before finally settling down at a .fixed distance ahead of 
th k t . f l . 1·. (80, 81) e crac - ip a ter arge scale yie ding . • It can be seen 
that satisfactory calibration curves were obtained for the different 
sizes of experimental steel specimen and that the calibration of the 
10 mm specimens was independent of the type of steels used. The 
results of further experimental calibration conducted with the Ti-
added Grade 275 Steel with slot-width of: 
(i) 1 fatigue crack magnitude 
( ii) 300 µm 
and (iii) 650 µm 
are given in Figure 8.3. It can be seen that the calibration was 
not affected by the variation of the slot-width. Consequently, the 
calibration curve of Figure 8.2 could be used for specimens with 
notches whieh were wider than the fatigue crack. 
8.2 The Critical COD 
The definition of the critical COD as the COD value measured 
at the initial instance of instability was found to be unambiguous 
when fracture occurred spontaneously without prior stable crack 
extension. However, when instability was either 
(i) Spontaneous but preceded by sub-critical stable 
crack extension or 
E 
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(ii) Defined as the attainment of maximum load instead 
of spontaneous instability, 
the definition of the critical COD ~,as found to be unclear. In 
this series of experiments, it was found that: 
(i) In the Billet and Pressure Vessel Steels, the COD 
at the attainment of maximum load had to be used as 
the critical value when initial separation of the 
crack-tip material was by mi.cro-void. coalescence, 
i.e. when ductile crack extension was observed on 
the fracture surfaces of the broken specimens 
(ii) In the Grade 275 Steels, initial stable crack 
extension by ductile tearing was observed in some 
specimens, before final instability by either 
spontaneous crack extension or defined by the 
attainment of maximum load. 
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In these cases, it was necessary to determine the critical COD 
measured at the instance of initial stable crack extension which is 
usually termed the initiation COD, o .• This was important because 
l. 
oi represents the COD value at which the crack-tip material became 
unstable. This initial crack extension COD could then be compared 
with the critical COD defined as the point of 
(i) spontaneous instability with evidence of prior stable 
crack extension or 
(ii) attainment of maximum load 
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so that the use of the latter two represents the critical event, 
i.e., the separation of the crack-tip material. This comparison 
was conducted experimentally by using the SIL-21 rubber to pro-
duce replica of the crack-tip in the manner described in Section 
7.2.2.b. It was found that in the Billet and Pressure Vessel 
steels, the COD at the attainment of maximum load, om, gave a 
good estimate of the COD at initial crack extension, o, , even 
1 
when the final instability was spontaneous with ample evidence of 
sub-critical stable crack extension. However, in the Grade 275 
Steel, stable crack extension was found to have occurred prior 
to the attainment of maximum load. Consequently in this steel 
the COD defined by either 
(i) The COD at spontaneous instability with evidence 
of sta_ble crack extension 
or (ii) The COD at the attainment of maximum load 
did not provide meaningful data as far as the instability of the 
crack-tip material was concerned. However, these definitions of 
COD could have limited significance because they coincide with the 
instability of the test specimen. These observations are illu-
strated in Plates 8.1 and 8.2. Hence, it was found that 
(i) In the Billet and Pressure Vessel Steels, the 
maximum load COD, om, and the COD at spontaneous 
instability, o , provided information that corres-
c 
ponded to the instability of the crack-tip material 
and therefore did not need correction. 
158 
( a) at the attainment of maximum load ( 5 · 1 kN) with 
COD = 330µm 
(b)just past the maximum load (5·0kN) with 
COD = 400µm. 
PLATE 8 ·1 CRACK TIP REPLICA OF A PRESSURE VESSEL 
STEEL COO TEST SPECIMEN WITH INITIAL SLOT-WIDTH 
= 300µm (x120) 
( a) just prior to crack-tip instability 
with COO = 276 µm, load = 5· 7kN 
(c) at maximum load with COO= 580µm, 
load = 6·0kN. 
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PLATE 8·2 THE CRACK TIP REPLICA OF A NORMAL GRADE 275 
STEEL COO TEST SPECIMEN OF INITIAL SLOT- WIDTH = 
FATIGUE CRACK. ( x120) 
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(ii) In the Grade 275 Steel, the maximum load COD 
measured with evidence of sub-critical stable 
cra,ck extension required correction. As the 
rubber crack-tip replication method could not be 
applied in sub-ambient temperature testing, an 
estimate of the initial crack extension COD 
level corresponding to micro-:-void coalescence 
was provided by the ambient temperature value. 
This value had to be added onto the results of 
the main COD testing described in Section 7.2.3 
A possible explanation for the observed different behaviour 
of Grade 275 Steel from the other two experimental steels could 
lie with their crack plane orientation with respect to the direc-
tion of rolling of the raw material. The Billet and Pressure 
Vessel Steels wer.e machined from the raw stock with the crack 
plane being parallel to the rolling direction, whilst the Grade 
275 Steel specimen had its crack plan were perpendicular to the 
rolling direction (see Figure 7.2)~ Consequently, the morphology 
of the inclusion particles, expected to be predominantly MnS, can 
·be schematically represented_ as shown in Figure 8.4, where the 
cross-sectional areas of the inclusion particles in the load-
·bearing direction of the·Billet.and Pressure Vessel steel specimens 
are larger than those of the Grade 275 steel specimens. This 
postulation was supported by.the Scanning Electron Micrographs 
of the fracture surface of the broken COD test specimen 
of the three experimental steels shown in Plate 8.3. It can 
fatigue crack 
( a ) Bi 11 et Steel 
fatigue crack 





















(c) GRADE 275 STEEL (crack plane perpendicular to 
direction of rolling) 
FIG 8·1& M nS INCLUSION MORPHOLOGY IN 
THE CRACK PLANE 
( a) stringers 
( b) lenticules · 
( c) cross- section of stringers. 
162 
(b) the pressure vessel steel 
ductile area 
(c) the normal grade 275 steel (d) the Ti-added grade 275 steel 
PLATE 8 · 3 SCANNING ELECTRON MICROGRAPHS OF THE DUCTILE AREA 
OF THE FRACTURE SURFACES OF THE BROKEN COO TEST SPECIMENS 
(x390) 
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be seen that the void size of the Grade 275 Steel was much smaller 
than those of the Billet and Pressure Vessel Steels1. The Energy 
Dispersion X-Ray Analyses of these void areas are shown in Figures 
8.5 to 8.8. The results of further examination by etching in 2% 
/ 
Nital solution are given in Plate 8.4. It can be seen that, 
(i) The voiding particles of the Billet Steel were 
Type II(155 , 156) MnS "stringers" 
(ii) The voiding particles of the Pressure Vessel 
Steel were type I(l55 , 156) MnS "lenticules" 
(iii) The voiding particles of the Grade 275 Steel 
(155 156) 
were type I ' , MnS "stringers" 
As the MnS inclusions had been reported to be the primary 
, d' . l d . , . (18. 110) h voi 1ng partic es ur1ng m1crovo1d coalescence · , t e 
different cross-sectional area of the load bearing MnS inclusion 
particles would result in the different reduction in area at the 
initial crack extension. · This factor could have been respon-
sible for the earlier observation that sub-critical crack extension 
occurred in the Grade 275 Steel, but not in the Billet or Pressure 
Vessel Steel because of the larger reduction in area suffered by 
th~ "transverse" specimens at the initial crack-tip instability. 
In the COD testings of the Billet Steel specimens, the presence 
of large clusters of inclusion at critically sited areas, usually, 
just ahead of the crack front, had caused several invalid measure-
ments. A typical example'of the fracture surface of these speci-
s 
Mn 
Fe I \ Fe 
-....._~------_J...,. 
"' ,t:, 
FIG. 8·5 THE ENERGY DISPERSION ANALYSIS OF THE VOID AREA OF A BILLET STEEL COD TEST SPECIMEN 
Mn 
s 



















(c) pressure vessel steel (x1100) t rolling direction 
PLATE 8 · 4 MnS INCLUSIONS. ( direction of rolling is 
indicated) 
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mens is shown in Plate 8.5. The chemical composition of the 
inclusion cluster was identified by the Energy Dispersion Analyser. 
These results ~iven in Figures 8.9 to 8.11 show that the inclu-
sions consisted mainly of MnS, The critical COD values of these 
I 
specimens were found to be several times higher than normal. The 
close p~oximity of these inclusion cluster to the crack-tip had 
probably resulted in the measurement of the opening at these 
inclusions when decohesion between the ferrite matrix and the 
inclusion cluster occurred. Hence, the results obtained with these 
test specimens had to be considered as erroneous. This observa-
tion raised doubts on the applicability of the COD method in 
assessing the fracture toughness of such material because the 
fracture toughness measured with the "normal" test specimen may 
not represent the conservative level. Nevertheless, since these 
invalid COD values were higher than those obtained from "normal" 
test specimens, the "normal" fracture toughness value may still be 
used to impose a maximum flaw size for quality control purposes or 
to modify the critical design stress to allow for these large 
inclusion clusters. 
8.3 The Thickness And Temperature Dependence Of Fracture Toughness 
Obtained By The COD Tests 
( 3) 
The size criterion for valid ASTM KIC test was given as 






PLATE 8· S FRACTURE SURFACE OF A 20mm AS-ROLLED BILLET 
STEEL SPECIMEN TESTED AT -SS°C SHOWING THE EFFECT OF 




FIG 8· 9 ENERGY DISPERSION ANALYSIS OF THE FATIGUE CRACK AREA OF PLATE 8·5. 
I-' 
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s Mn ,1 Fe I !Fe 
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where a is the crack length 
w - a is the uncracked ligament length 
B is the specimen thickness 
KQ is the apparent Critical Stress Intensity Factor 
ay is the yield stress. 
Thus, by evaluating the apparent Critical Stress Intensity Factor 
of the largest specimen tested at the most brittle temperature, 
i.e. at the lowest end of the test temperature range of the COD 
tests by using Equation (7.2.1) where 
where PQ is the 
a is the 
B is the 
w is the 
p 
_Q_ { 29 6(~/.i 
BW½ 0 W 
1. ~ 
2 2 






, a 2 
+ 655. 7 (w> -
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it was possible to detennine whether the values of KQ were valid accord-
ing to Eqn. (7.2.2). The results showing the temperature dependence of 
COD of the three experimental steels are shown in Figures 8.12 to 
8.16 and those showing the temperature dependence of the yield 
stresses of the three steels are given in Figures 8.17 to 8.19. 
Using data from these figures and also those supplied in Appendix 
E, the minimum specimen size, represented by the minimum thick-











B = 3 mm 
B = 4 mm 
B = 10 mm 
B= 20 mm 







Q_.,._ ___________ ~----~---------1 
-100 . -50 
temperature 0 ( 
0 
FIG 8·12 VARIATION OF CRITICAL COD WITH TEMPERATURE 





• B=10 mm 
o B= 20 mm 




0 ~==-r~--------------------___,f -100 -so 
temperature 0 ( 
0 
FIG 8·8 VARIATION OF CRITICAL COO WITH TEMPERATURE 











= 100 a:: 
u 
0 ~---------------~--.......,.,,-----100 -50 
temperature 0 ( 
0 
FIG 8·14 VARIATION OF CRITICAL COD WITH TEMPERATURE 




















+ COD at initial stable crack extension 
COD at instability 
0 -t----......----~-----......... _.-........... ....._-""i"""""""""""i'~"""I 
-100 -50 
temperature 0 ( 
0 
FIG 8· 15 VARIATION OF CRITICAL COD WITH 
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900 KEY -
<I> COD at initial stable crack extension 























FIG 8 · 16 VARIATION OF CRITICAL COO WITH TEMPERATURE 
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FIG 8 ·19 YIELD STRESS-TEMPERATURE RELATIONSHIP 
OF GRADE 275 STEEL 
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fracture toughness was calculated and the results are shown in 
Table 8.1. The use of the specimen thickness as a representative 
figure was possible because the relevant specimen dimensions, i.e. 
the crack length a, uncracked ligament length W - a and the 
specimen thickness B were specified to be nominally equal. It 
can be seen that even for the most brittle test condition, the 
specimen thickness B was still below the minimum plane strain 
K 
specimen size given by 2.5 <f) 2 • Hence, the standard ASTM KIC 
y 
test method was· confirmed to be unsuitable for the. fracture tough-
ness testing of the experimental 
ture range. 
steels in the COD test tempera-
An indication of the thickness independence of the COD test 
can be gauged from the results given in Figure 8.12. The speci-
men thickness of 10 mm was found to be sufficiently large to pro-
vide thickness independent fracture toughness value at both cleavage 
and ductile fracture because the critical COD of the 10, 20 and 30 
. 7 0 . 0 mm thick specimens were similar at - 0 C and again at 25 C. Larger 
scatter of results was observed in the vicinity of the transition 
temperature. However, this was not unexpected. Further investi-
gation on the limit on specimen size for thickness independent 
COD-related fracture toughness were conducted with the As-Rolled 
Billet Steel specimens (see Section 7.2.2). This steel was used 
because it had the lowest yield stress and therefore should pro-
duce the conservative size limit if the ASTM size criterion of 
K 
2.5 (1) 2 was followed. The results of this investigation are 
. OLY 
Test Apparent Fracture Lower Yield 
Minimum Specimen 
Thickness 




B = 2 . 5 ( ..JL) 





85. 7 238 324 
Hi-AlN 
-60 90.4 328* 190 
Billet 
I 






-80 39.6 376 11.1 
Ti-Added 
-80 43.5 395 12.1 
Grade 275 
I 
* Instability Stress (see Section 7.3.2.a) 
Table 8.1 Thickness Dependence Of The Apparent Fracture Toughness 
(3) 
Calculated By The ASTM Krc Test Method 
Actual Specimen 










given in Figure 8.20. The fracture toughness, K , , was cal-
cr1.t 
culated using Equation (7.4.4) given as 
-2 
where aLY is the lower yield stress in MN-m 
o is the critical COD in µm. 
C 
The fracture toughness results are given in Figure s.; 21. These 
results showed that the fracture toughness became thickness inde-
pendent when the specimen thickness, B , exceeded 7 mm. The 
corresponding value of the critical COD, defined as the COD at 
the instance of initial stable crack extension, oi , was found to 
be 300 µm (see Figure 8.20). Consequently, it can be shown that 
the thickness independence of fracture toughness required a mini-
mum specimen thickness, B . , given by 
min 
B . ~ min 
23. 3 o. 
i 
This experimental limit on the minimum specimen thickness agreed 
well with the thickness limit predicted by using that of the J-
1 h d (lO, 29) h' h . . t' (~ 4 ~) Integra test met o w ia was g.1.ven 1.n Equa ion , .• J 
as 
a, w - a, B ~ 25 oc 
where a is the crack length 
W - a is the uncracked ligament length 
Bis the specimen thickness 
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188 
Al though the effect of varying the crack length, a , and the' 
uncracked ligament length, W - a , on the fracture toughness was 
not investigated, the standard nominal specification of 
a = W - a = B of the compact tension specimen had eliminated the 
necessity of further investigation in this direction as far as the use 
of this type of COD test specimen was concerned. 
Hence, the experimental results of Figures 8.20 and 8.21 
verified that the COD test can be used to obtain size independent 
"plane strain" fracture toughness experimentally provi<Ied that 
the standard specimen dimensions of the crack length a, the 
uncracked ligament length W - a and the· specimen thickness Ball 
exceeded a minimum limit defined as 
a, W - a, B ~ 25 oi 
where o1 is the COD at the instance of initial crack extension. 
The results of this experimental investigation agreed well with 
those of other research projects where the standard bend specimens 
d (84, 157) . were use • Thus, the COD test had been shown to be a 
practical and relatively economical alternative to the standard 
ASTM KIC test( 3) in the evaluation of the fracture resistance of 
low carbon steels. 
The temperature dependence of the critical COD of the three 
experimental .steels was also shown in Figures 8 .12 to 8 .16. Using 
these results and also the yield stress data given in Figures 
8.17 to 8.19, the Critical Stress Intensity Factor data was 
calculated using Equation (7.4.4) 





is the Critical Stress Intensity Factor 
0 LY 
is the lower yield stress in MN-m 
-2 
cc is the critical COD in µm. 
The calculated K . t results are summarised in Figures 8.22 to 8.25. cri 
It should be noted that the micro-void coalescence fracture tough-
ness levels were de fined at the instance of initial crack extension, 
i.e. at the initial instability of the crack-tip material and not 
at final instability. This definition was more meaningful and 
was also necessary for the purpose of comparing the experimental 
. . (18, 
results with the prediction made by the micro-fracture models · 
19, 20) 
When the critical COD defined at the instability of the 
specimen did not coincide with the initial crack-extension COD, 
both types of results were included for the purpose of comparison 
(see Figure 8.25). It can be seen that with the exception of the 
upper-shelf level, i.e. at micro-void coalescence of the Normal 
Grade 275 Steel, the fracture toughness, K ·t , of the three 
cri 
experimental steels can.be shown to be size independent using the 
criterion 
a, W - a, B ~ 25 cc 
The Upper-shelf COD value of the Grade 275 Steel was 450 µm. This 
was determined at the instance of initial crack-tip instability. 
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fracture toughness data at this COD level would be 11.25 mm. 
Thus, the 10 mm thick specimen used in the investigation was only 
slightly undersized giving 
a,W-a,B~ 22.2 cS 
C 
Examination of the results given in Figure 8.21 showed that the 
results obtained by the slightly undersized 10 mm thick specimen 
would be very close to the conservative KIC value. Consequently, 
the 10 mm thick COD test specimen was found to be adequate in pro-
viding thickness independent "plane strain" fracture toughness 
data. 
The results summarised in Figures 8.22 to 8.25 also showed that 
with a single exception, the change in fracture mode from cleavage 
to micro-void coalescence (see Plate 8.6) was accompanied by a;rapid 
rise in fracture toughness, thus supporting the earlier reports 
that the fracture resistance was sensitive to the type of micro-
f h . . both , . (58, 59) racture mec anism in quasi-static K 
· IC 
and the impact 
testings of low strength steels. The exception mentioned earlier 
was the Hi-AlN Billet Steel which had been subjected to. an AlN 
precipitation heat treatment (see Section 7 .1) • In the tensile 
testing of this steel, failure was observed to occur by decohesion 
at the MnS inclusion particles with the ferrite matrix displaying 
little or no sign of plastic deformation (see Figure 7.8). It was 
· suspected that the grain refinement effect of the AlN precipitation 
treatment could have elevated the general yield stress level of 
the ferrite so that decohesion at MnS inclusions occurred before 
(a) billet steel, separation by cleavage 
mag. = x390 test temp. = -70°C 
( b) billet steel, separation by micro-
void coalescence 
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PLATE B· 6 SCANNING ELECTRON MICROGRAPHS OF THE 
FRACTURE SURFACES OF BROKEN COD TEST SPECIMENS, 
( c) pressure vessel steel separation 
by cleavage. 
mag. = x1000 f-est temp. = -70°( 
(d) pressure vessel steel separation 
by microvoid coalescence. 
















PLATE S· 6 SCANNING ELECTRON MICROGRAPHS OF THE 
FRACTURE SURFACES OF BROKEN COO TEST 
SPECIMENS. 
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(e) grade 275 steel separation by 
cleavage. 
mag. = x390 test temp. - 70° C 
( f) grade 275 steel separation by 
microvoid coalescence. 



































PLATE 8·6 SCANNING ELECTRON MICROGRAPHS OF THE 
FRACTURE SURFACES OF BROKEN COO TEST SPECIMENS. 
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the ferrite matrix had attained its upper yield stress. This 
suspicion was investigated with tensile specimens orientated in 
the longitudinal direction to minimise the effect of MnS (see 
Figure 7.7) and also measuring the average grain diameter of the 
As-Rolled and the Hi-AlN steels. The results of this investi-
gation are shown in Table 8.2. The results supported the earlier 
suspicion that the yield stress level of the ferrite matrix was 
elevated by the grain refinement effect of the AlN precipitation 
treatment. Consequently, it is reasonable to assume that in the 
COD testing of this steel, decohesion at the MnS inclusion occurred 
before the attainment of the upper yield stress level of the 
ferrite matrix thus resulting in the abnormal "brittle" behaviour 
of tensile test specimens and also the COD being insensitive to 
change in fracture mode from cleavage to micro-void coalescence. 
The possibility of intergranular fracture caused by the segre-
. f 1 . . . . . b . ( 158) gration o AN precipitates to primary ferrite grain oundaries 
being responsible for the abnormal behaviour of the Hi-AlN steel 
in COD testing was also investigated. This was prompted by the 
observed presence of a band of granular fracture area at the 
crack-tip region of one of the Hi-AlN COD test specimen which is 
shown in Plate 8.7. The Energy Dispersion Analysis of this area 
given in Figure 8.26 indicated that it was Al-rich. However, 
exhaustive Scanning Electron Microscope Examination of the fracture 
surfaces of several other broken Hi-AlN COD test specimens did not 
reveal the presence of similar granular fracture areas. Hence, 






Upper Yield Lower Yield Ultimate Tensile Average Grain 
Stresso cr0Y Stress, crLY Stress, crUTS Fracture Strain, Diameter, d g 
-2 -2 -2 e: f 
(MN-m ) (MN-m ) (MN-m ) (µm) 
320 315 520 o. 76 26.4 
285 280 476 0.70 31.3 
Table 8.2 Properties Of The Billet Steel In The Longitudinal Direction 






PLATE 8· 7 SCANNING ELECTRON MICROGRAPH SHOWING 
THE PRESENCE OF GRANULAR FRACTURE AREA { x1000) 
Fe I !Fe 
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fracture area meant that it could not have been caused by the 
segregation of AlN precipitates to the primary ferrite grain 
boundary during the precipitation heat treatment. Instead, it 
was likely to have been the legacy of the segregation of Al 
during the casting process and subsequently being located. at the 
fatigue crack-tip by chance. 
An important consequence of this abnormal behaviour of the 
Hi-AlN Billet Steel was that this steel could not be used in 
assessing the effect of Nitrogen Strain Ageing of the crack-tip 
plastic zone. Fortunately, an alternative material was avail-
able in the form of the Grade 275 Steel where the active Nitrogen 
content had been reduced by suitable Titanium addition (see Table 
7.1). The results of Figure 8.25 showed that the fracture tough-
ness of the Grade 275 Steel was not affected by the addition of 
Titanium as a nitride former. 
8.4 Relationship Between Fracture Toughness And Micro-Parameters 
The results shown in Figures 8.22, 8.24 and 8.25 were compared 
with the predictions made by the micro-fracture models of cleavage 
(15, 16, 17) . . (18, 19, 20) h' and of micro-void ,coalescence w 1.ch were 
proposed to describe the fracture behaviour'of cracked materials. 
For clarity, the results of this investigation will be presented 
in two separate sections, viz 
(a) Cleavage 
(b) Microvoid coalescence 
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(a) Cleavaae 
It has .been reported that when the magnitude of the 
yield and fracture stress are comparable, the plane strain 
Critical Stress Intensity Factor, KIC, can be related to 
the fracture stress, a , by Equation (4.1.6) (lS, 16 • 17) 
F 
where X0 is known as the "characteristic distance" and 
was shown to be 1 to 2 times the average grain diameter, 
The experimental works related to the above relationship 
0 was performed at -196 C so that quasi-brittle condition 
could be attained for pure cleavage failure to occur as 
well as to facilitate the use of the standard ASTM KIC 
test with small test specimen size( 3) The original 
reports on the K -a relationship of Equation (4.1.6) 
IC F 
showed that the relationship X0 = 1 to 2 times dg 
became invalid when d < 40 µm. However, a later report 
g . 
contradicted this by showing that the relationship 
remained valid even when d was as low as 8.3 µmin steel g 
of strength level similar to that used in the original 
( 17) 
report . Nevertheless, the difference in the range of 
application of the relationship given by Equation (4.1.6) 
could have arisen from the fact that the steel used in 
the latter of the two reports had been subjected to a 
spheroidisation heat treatment. More significantly, both 
reports arrived at the similar conclusion that 
(i) Nucleation of micro-cracks in the first two 
grains of the crack-tip region is necessary 
before spontaneous crack propagation can occur. 
(ii) The nucleation of micro-cracks at grain boun-
da. b'd , l b . h(l09) ry car J. e partic es proposed y Smit 
can be adopted to provide the nucleation n~chanism 
of micro-cracks at the first two grains of the 
crack-tip material. 
The present experimental results of the standard 
ASTM fracture toughness and tensile tests of the Pressure 
0 
Vessel and the Grade 275 Steels measured at -196 Care 
given in Tables 8.3 and 8.4. The experimental details 
204 
have been given in Sections 7.2.1 and 7.3.2.c respectively. 
The comparison between the experimental fracture tough-
ness data and the predictions made by the cleavage fracture 
. d l ( 15, 16, 17) . , . mo e are supplied in Table 8.5. S1In1.lar 
testings of the Billet Steel did not produce meaningful 
result because of the MnS affected fracture behaviour 
described earlier in Sections 7.3.2 and 8.2, and there-
fore had to be discarded. It can be seen that the fracture 
toughness values predicted by the cleavage fracture models 
showed good agreement with the experimental data. Thus, 
the experimental results disagreed with the earlier report 
that the KIC-crF relationship given by Equation (4.1.6) was 
Apparent 
Yield Instability Crack Specimen Specimen Compliance Fracture 
Stress* Steel Load, PQ Length Width Thickness a Function Toughness+ KQ 
Type w . Y(a~ KQ crLY 
B>2 .5 (er-) 
a w B LY 
KN ·w 
(MN-m-t) -2 (mm) (mm) (mm) (MN-m ) 
Pressure 
Vessel 2.62. 10.43 20 9.99 0.520 10.21 19.20 860 Yes 
Normal· 
Grade 2.90 10.07 20 9.96 0.503 9.609 19.85 830 Yes 
275 
Ti-Added 
Grade 2.60 10.37 20 9.97 0.519 10.18 18.80 846 Yes 
275 
* See Table 8.4 + KQ 
% a a = ~Y(-); for values of Y(-) see ref. No.3. 
-:z w w . 
BW 





Initial . Diameter 
Upper Yield Lower Yield Fracture Lower Yield Fracture 
Steel Specimen. 
At Load Load Load Stress Stress Fracture 
Type 
Diameter Fracture Strain 
Do DF 
p . 
PLY PF crLY OF e: f UY . -2 .:...2 
(mm) (mm) (KN) (KN) (KN) (MN-m ) (MN-m ) 
Pressure 
Vessel 4.99 4.30 18~7 l~.8 16.6 859 1143 .29 
Steel 




5.01 4. 30 18.2 16.2 17.1 I 822 1184 .30 
Ti-Added 5.00 4.07 18.6 \ 16.4 14.9 835 1145 .41 
Grade 
275 
4.91 4.11 18.2 16.2 15 .9 856 1198 .36 












Fracture Average Grain Characteristic Fracture Fracture 
Stress Diameter Distance Toughness Toughness 
(jf d X = 2 d KIC KIC g 0 g predic~ed expt • 
-2 (µm) (µm) (MN- m-T) (MN-tn -T) (MN-rn ) 
1143 24.6 · 49.2 20.1 19.7 
1164 20.5 41.0 18.7 19.8 
1170 17.2 34.2 17.2 18.8 




valid only when the grain.sized exceeded 40 µm(lS, 
' g 
16) 
In these reports, the grain size dependence of 
the oF-KIC relationship was explained by, the argument 
\ 
that suitably sized grain boundary carbides were needed 
for ~he Smith's cleavage mechanism ( 109,) and that the 
probability of the e~istence of such carbide part1cles 
tl d d . . . . 1(15, 16) were grea y re uce in fine grain materia 
However, it should be noted that this argmnent had 
omitted the Cottrell's cleavage mechanism which did 
not require the presence of grain-boundary carbide for 
th f . f. . ( 10 7) e onnation o microcracks • Furthermore, the 
Cottrell's model had also been reported to be appli-
cable in conventional low carbon steels(llO). Hence, 
it is likely that the limit on grain size may not be 
necessary because of the availability of an alterna-
tive micro-crack nucleation mechanisms. 
Although the nucleation of micro-cracks had been 
implied to be essential for spontaneous crack propa~ 
gation by the relationship KIC = oF(27T2dg) ½ , an expli-
cit description of the chain of events at the crack-
tip material leading to cleavage fracture had not been 
given. This may be rectified· by examining the sequence 
of events from the Linear Elastic Fracture Mechanics 
points of view. The combination of the present experi-
·mental data and the ;results of earlier reports showed 
that the fatigue crack•tip merely acted as a stress 
208 
concentrator by elevating the local cr·ack-tip tensile 
( 15, 16, 1 7) 
stress, cr 1 1 • When this stress exceeded oca 
the material's yield stress, micro-cracks would be 
generated by possibly a combination of the Cottrell's(l07) 
d h . h I ( 109) h . an t e Smit s mec anisms. Experimental evidence on 
the presence of these micro-cracks had been reported else-
where for both fracture toughness( 5l) and uniaxial tensile 
(l59 ) test ' h' hf 'l db 1 specimens w ic ai e y c eavage. Hence, the 
subsequent elevation of the crack-tip stress so that the 
fracture stress level was exceeded in the first 1few grains 
ahead of the crack-tip would lead to spontaneous crack 
propagation when the Critical Stress Intensity Factor, 
KIC, at a suitably sized microcrack, shown experimen-
tally to be 1 to 2 grain diameters was exceeded (see 
Figure 8.27). 
Thus, it can be see.n that the fracture toughness 
measured by the standard ASTM K test( 3 ) can be related 
IC 
to the basic concepts of Linear Elastic Fracture Mechanics 
of a cracked body and that the test method measures the 
energy required to nucleate and to subsequently propagate 
the micro-crack ahead of the fatigue crack, 
As the temperature was increased from -196°c, 
increasing degree of plastic defonnation would be required 
to elevate the local crack-tip stress by strain hardening 
so that the fracture stress which was reported to be tem-
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FIG. a. 27 THE SITUATION AT THE FATIGUE CRACK-TIP PRIOR 
TO CLEAVAGE FRACTURE AT - 196°( 
Consequently, the K -o relationship may now be 
· IC F 
inapplicable because a higher proportion of energy will 
be absorbed by plastic deformation. 
(b) Micro-void Coalescence 
Recent reports indicated that the values of COD 
measured at the initial stable crack extension by micro-
void coalescence, <\ , could be predicted from either 
the mean-free path between non-metallic inclusion parti-
1 (18, 19) c es , or from the average grain diameter where 
grain boundary cementites were assumed to be the primary 
. di . 1 (20) voi ng,partic es • 
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The non-metallic inclusion model relates the COD at 
initial crack extension, oi , to\the average inter-inclusion 
particle spacing, if, by the equation 
(8.4.1) 
where £fi is the critical crack-tip strain commonly 
termed the· "notched ductility". 
In low carbon steel, if was shown to be represented by the 
average spacing of the MnS inclusion, which was also 
. (18) 
reported to be the primary voiding particle • 
The grain size model relates 8i to the average 
grain diameter, dg, by the equation( 20) 
= 
where £f is the uni axial tensile fracture strain. 
(8.4.2) 
The applicability of these models to the experi-
mental steels was investigated. The notched ductility 
results are given in Figure 8.28 and the uniaxial tensile 
fracture strain data are given in Appendix F. The com-
parison between the critical COD predicted from the two 
micro-void coalescence models and the experimental data 
are shown in Table 8.6. These results showed good 
agreement between experimental data and the predictions 
made by the non-metallic inclusion model(l9 , l 9 ). 
h . . h . I del (20) However, t e values predicted byte Sailors mo 
displayed large deviation from the experimenta~ data 
and was there fore inapplicable in the experimental steels. 
However, it is interesting to note that by redefining 
the primary voiding particle of the Sailor's model as the 
MnS incl,usion and re-evaluating the inter-particle 
spacing accordingly, the experimental and predicted COD 
values showed remarkably improved agreement (see Table 
8.6). This is not surprising because the·Mns had earlier 
been shown to be the principal voiding particle in 
Section 8.2 Thus, the experimental data supported the 
report that non-metallic inclusions being the primary 
voiding particles and that a critical crack-tip strain 
value, viz. the notched ductility must be exceeded before 
micro-void coalescence of the crack-tip material could 
. (19, 119) 
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Q,f Strain Inclusion Sailor's 
E: Model (18 ' l 9 ) Model (2 0) 
Experimental 
(µm) f (µm) 
321 0.92 24.6 302 59.l 280 
378 0.97 20.5 484 49.8 440 
353 0.96 17.2 452 42.5 445 











Although reasonably good agreement between the 
predicted and experimental critical COD values of 
micro-void coalescence was observed, the statistical 
significan?e of the results could not be determined 
accurately because of the non-uniform nature of the 
inclusion particles' distribution. Furthermore, 
examination of the Scanning Electron Micrographs 
(see Plate 8.6) showed the presence of smafler secon-
dary voids at the periphery .of the primary MnS voids. 
This observation indicates that other micro-structure 
such as cementite and precipitates may affect the 
voiding process. Thus, the micro-void coalescence 
model should be treated as empirical and applied with 
caution. Nevertheless, it was shown that the existence 
of the fracture mode transition temperature in fracture 
\ 
toughness testing of low carbon steels co_uld be pre-
dicted by theoretical models of micro-fracture behaviour. 
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Correlation Between The Plane Strain Critical Stress Intensity 
Factor (K1c) And The Charpy V-Notched Impact Energy (Cv) 
The results· of the Charpy v-notched impact tests of the Pressure· 
Vessel and the Grade 275 Steels are given in Figures 8.29 and 8.30. 
Comparison of these results with the quasi-static fracture tough-
ness test rei;;ults given earlier in Figures 8.24 and 8.25 showed 
that the transition temperature obtained by the two test methods 
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FIG 8,29 THE CHARPY V-NOTCHED IMPACT CURVE 
OF THE PRESSURE VESSEL STEEL 
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differed significantly in several aspects. Some of the more pro-
minent differences are discussed briefly as follows: 
(a) Strain-rate 
The COD test was conducted with quasi-static loading 
condition while the Charpy test had impact loading con-
dition. The effects of strain-rate on fracture toughness 
had been reported by Radon and Turner who showed that 
significant changes in fracture toughness occurred when 
-2 -1 7 -1 (60) 
the strain rate was varied from 10 s to 10 s 
(b) Triaxiality 
The COD test specimen size has been shown to be 
adequately large so that size independent KIC value could 
be obtained (see Section 8,3). Therefore, the degree of 
crack-tip triaxiality obtained by the COD test could be 
expected to be consistent. On the other hand, the Charpy 
V-notched specimen was arbitrarily specified as 10 mm 
thick. Consequently, the triaxiality of the crack-tip 
could vary in specimen of different flow stress levels. 
(c) Notch Size 
The artificial flaws introduced into the two types 
of test specimens differed significantly in size. The 
Charpy test specimen had a machined V-notched of root-
radius approximately 0.25 mm whereas the COD test speci-
men had a fatigue crack. This difference is significant 
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because the fracture toughness had been reported to be 
affected by flaw size (see Figure 8.28 and Ref. No. 188). 
Apart from the .above tangible disparities, the basic concepts 
of the two tests are also different. The quasi-static fracture 
toughness test measures the energy required to cause the instability 
of the crack-tip material regardless of the mechanism of final speci-
men instability.· The Charpy test differed by measuring the energy 
required to initiate and propagate the crack through the uncracked 
ligament of the test specimen only when instability is by total 
cleavage. Consequently, any attempt to generalise the correlation 
; 
between the two fracture resistance parameters should be treated 
with caution. 
Currently, several empirical correlations between the Charpy 
Impact Energy (Cv) and the fracture toughness (K1C) had been 
reportea( 2l, 311 32 ' 33 , 1621 163) Some of these correlations 
are given in Table 8.7. The applicability of these correlations 
to the experimental steels were investigated by comparing the 
predictions made by these documentatedcorrelations with the experi-
mental data. The results of this comparison are given in Figures 
8.31 to 8.33. Examination of these results will emphasise the 
empirical nature of these correlations as none of the correlation 
equations fit the experimental data. This is not unexpected 
because the empirical correlations were derived for different 
classes of steel. However, it can be seen that t,he basic form of 
h d 1 . . ( 3l) ' 'l t th t e Maran et-Sanz corre ation curve was very simi ar o e 
Correlation Equation Between KIC And Cv* Reference 
KIC = 19 (CV) ~ Marandet and Sanz 
( 31) 
TIS: = 9 + 1.37 T C . 
C (100) V (28) 
Krc = 30.2(Cv)ll..l: 
(32) 
Barsom 
Tshift = 119 - 0.12 cry 
KIC = 3.08 exp { .036(T - T40J) + 100} + 36.4 
. . d (33) Chirigos an Meyer · 
Krc is the plane strain Critical Stress Intensity Factor 
Cv is the Charpy V-Notched Impact Energy 












ct experimental data 
,,,,. 
/'1111_ -<>--~-•~ 
. -- / 
modified r(;)f. 31 )>' . 1/ 
22] 
u 100 {eql!ation 6· 5· 2,? ~ / I ">I' !I.·/ .... 
~ l<:J <-~ 
I / 
I / 
/ / . . .,,,, 
...... 1, _.,,. - --s--=---~---
o,.._ ______ =----'-_,.___. ______ ,L..-____ _.j 
-100 - 50 0 
temperature in °C 
FIG. 8-31 COMPARISON, BETWEEN PREDICTED & 
EXPERIMENTAL Krc OF THE PRESSURE 
VESSEL STEEL. 








-• experimental data 
• • ---.,,,,,. • . // 
modif i4KI ref. 31 / 








/ / . 
a _________ .....,__ __________ _ 
-100 -50 0 
temperature •c 
FIG. S-32 CCMPAAISON BETWEEN PREOIC TEO & 























O L modified ref. 31 






















a_~ ______ .__ _______ ,.__ ____ ___, 
-100 -so 0 
temperature in °C 
Fl G. 5.33 COMPAPARISON BETWEEN PREDICTED & 
EXPERIMENTAL K1c OF Ti-ADDED GRADE 
275 STEEL. 
224. 
experimental curves. When slight modification was introduced, the 
basic Marandet-Sanz correlation was found to agree with the experi-
mental data. The modification included the redefinition of the 
point on the experimental KIC (see Figures 8.24 and 8.25) and Cv 
(see Figures 8.29 and 8.30) versus temperature curves at which a 
rapid upswing in fracture resistance occurred. The modified cor-
relation equations are listed in Table (8.8) and their predicted 
results were added onto Figures 8.31.and 8.33. As the basic Marandet-
Sanz correlation equations had been derived from a series of low 
alloy Carbon-Manganese Steels with yield stress ranging from 
· 215 to 1000 MN-m - 2 , it is not surprising that they could be adapted 
readily to describe the cleavage Kic-Cv correlation of the experi.., 
mental steels which were basically of similar chemical composition 
(see Table 7.1). However, it must be pointed out that the cor-
relation was strictly limited to the cleavage regime with the 
transition temperature as the°' upper limit because the impact energy 
level at the upper shelf level, i.e. at microvoid coalescence, did 
not provide any meaningful infornlation. 
Hence, it was shown that empirical correlation could be 
established between the. cleavage KIC and Cv of the experimental 
steels. This observation is significant because when the statisti-
cal reliability of the correlation equations is determined, the 
more economical Charpy V-notched Impact test can be used to eva-
luate the cleavage fracture toughness indirectly when fracture 
resistance testings are being performed for quality control pur-
poses. However, if the fracture toughness data are required for 
Steel Type 
Correlation Equation Between 
Experimental K And C * IC v 
- ~ Kic - 16(C) V 
Pressure 
Vessel 3 
(Figure 8.31) TK (60 MN-m-'T] = Tc (20J) - 58 IC V 
~ 
Nonnal And KIC = 19 (CV) 
Ti-Added 
Grade 275 .3.. 
(Figures 8.32 and TK (80 MN-m-2 ) = -<Tc (20J) + 55) 
8.33) IC 
V 
* KIC is the Plane Strain Critical Stress Intensity Factor 













design analysis, it is felt that the fracture toughness test should 
always be used since it has been shown that size independent data 
could be obtained with the use of small test specimens .• 
8.6 The Fatigue Crack-Tip Plastic Zone 
The current popular models of fatigue crack propagation assumed 
. (24 25 26) that plastic deformation occurred at,the crack-tip ' ' · 
This assumption was supported experimentally by the report that 
zones of high density tangled dislocations were.observed at the 
fatigue crack-tip area of 
. · . (2 7) 
a-iron specimens • In this project, 
the presence of.this fatigue crack-tip plastic zone was investigated 
with the use of a special High Nitrogen Low Carbon steel. The 
details of the experimental technique have been given earlier in 
Section 7.7. The micrographs of the crack-tip area of the etched 
specimens are given in Plates 8.8 and 8.9, where the plastically 
deformed zones at the crack-tip are represented by the dark areas 
of high etch-pit density. The Scanning Electron Micrograph given 
in Plate 8.9 gives ·a close-up view of the individual etch-pit on 
the surfaces of the grain located adjacent to the crack-tip. The 
plastic zones were observed to be present as two "lobes" at the 
crack-tip. The size of each lobe. was estimated at approximately 
25 to 50 µm ahead, and 100 µm away from the side of the crack-tip. 
In terms of grain size, the extent of these zones was estimated at 
1 to 2 grains ahead, and about 4 grains on either side of the crack-
tip. Thus, the plastic zones covered an area of the crack-tip 
material from which the fracture toughness were being measured by 
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PLATE 8·8 THE FATIGUE CRACK TIP PLASTIC ZONE (x425) 
228 
fatigue crack- tip 
PLATE 8-9 ETCH PITS AT THE FATIGUE 
CRACK TIP A RE A ( x2400) 
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both the standard ASTM KIC and the COD test methods. Consequently, 
the change in the material properties caused by ageing the fatigue 
crack-tip plastic zones could produce significant embrittlement 
effect. 
8.7 The Effect Of Ageing Of The Fatigue Crack-Tip Plastic Zone 
On Fracture Toughness 
The Billet and the Grade 275 Steels were originally selected 
for this investigation because they could be treated to produce 
different strain ageing propensity. However, it was found that the 
reduction of active Nitrogen by the AlN precipitation heat treat-
ment had resulted in the unexpected temperature insensitivity of 
the critical COD (see Section 8.3). Consequently, the Billet 
Steel was found to be unsuitable. Fortunately, the addition of 
Titanium in Grade 275 Steel as a nitride former did not affect either 
the fracture toughness level or its temperature dependence (see figure 
8.25), although the active Nitrogen content was reduced by appro-
ximately sixteenfold. 
The results of this series of tests are given in Figures 8.34 
and 8. 35. Both figures compared the temperature dependence of the 
critical COD values of the as-fatigued specimens with those of the 
specimens that were aged after fatigue cracking - the ageing treat-
ment being soaking at 80°c ror 30 hours. It can be seen that the 
ageing treatment produced a small but significant shift in the 
transition temperature of the Normal steel but did not affect that 
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FIG 8· 35 VARIATIONS OF CRITICAL COD WITH TEMPERATURE 
OF Ti-ADDED GRADE 275 STEEL- SHOWING THE EFFECT 
OF A GE ING 
levels of the two steels were not affected. 
Using the combination of 
(i) The COD test results given in Figures 8.34 and 
8. 35 
{ii) The tensile test results given earlier in Figure 
8.19 
the fracture toughness values were calculated using Equation (7.4,4) 
given as 
3 
Kcrit = 0.4769 (aLYoc)½ MN-m-2 
where K 
crit is the Critical Stress Intensity 
is the Lower Yield Stress in MN-m 
-2 
OLY 
0 is the critical COD in µm. 
C 
Factor 
These calculated results a summarised in Figures 8.36 and 8.37. 
The thickness-dependence of these fracture toughness values were 
evaluated using the size criterion (see Section 8.3) 
a, W - a, B ~ 25 oc 
where a is the crack length 
W - a is th·e uncracked ligament length 
Bis the specimen thickness 
o is the COD at the initial instability of the crack-
c 
tip material 
It can be seen that except for the highest COD value of the Normal 
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FIG 8 ·36 VARIATION OF K1c WITH TEMPERATURE OF NORMAL 
GRADE 275 STEEL - SHOWING THE EFFECT 
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of the Normal Steel tested at 25°c was 450 µm. The corresponding 
minimum size for size independent fracture toughness was calcu-
lated to be 11.5 mm. This value was slightly higher than the 
actual nominal specimen size of 
a = W - a = B = 10 mm 
Hence, it was felt that even in this test, the K 't value should . cri · 
B 
be very close to the size independent value beci?-use the ratio~ 
was approximately 22.2 (see Section 8.3). Consequently, the 
K 't results of this investigation were expected to be size inde-cri 
pendent 
values. 
and can therefore be regarded as the "plane-strain" K 
IC 
Once again, from the results given in Figures 8.35 and 
8.36, it can be seen that as in the COD test results of Figures 
8. 34 and 8. 35 the ageing treatment affected the fracture toughness 
in the vicinity of the fracture mode transition temperature of the 
Normal Steel but not the Ti-added Steel. 
Before discussing the experimental results, it is necessary 
to examine any error arising from the use of the lower yield 
stress, oLY, in the calculation of KIC for both the as-fatigued.and 
the aged specimens. It is well estabiished that static strain ageing 
raises the flow stress level (see Figure 6.1) so that the change in 
flow stress, ~Y , caused by strain ageing can be written as 
= - a flow , pre-strained 
(8. 7 .1) 
where cry is the yield stress of the aged material 
aged 
o flow , . is the flow stress of the pre-strained material 
pre-strained 
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The effect of Titanium addition on the magnitude of t.y of Grade 275 
Steel with 5% pre-strain and an artificial ageing treatment of 3 
h looo .h d b ' b d ' ( 164) d ours at C a een reported earlier y Chong an Lim an 
their results are sho~m in Figure 8.38. Similar estimate of l::,y 
0 
measured at -196 C was not performed because it was not feasible to 
attach the extensometer onto the tensile specimen without elabo-
rate modification. However, from the -196°c tensile test records 
of both the Normal and Ti,-added Steel specimens given in Figures 




where a is the flow stress at 5% pre-strain 
flow5% 
crLY is the lower yield stress in the as-rolled 
as-rolled 
condition 
so that at -196°c 





0 Hence, the magnitude of t:,y at -196 C can be estimated from the 
results of strain ageing on the tensile properties of the two steels 
given in Figures 8.41 and 8.42. These results were combined with 
those measured at ambient temperature to give an estimate of t:,y 
at the two extremities of the test temperature range, and these 
. I 
combined results are shown in Table 8.9. The error ratio shown by 
l::,Y 
crflow 
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Strain Aged Change In 
Temperature Yield Stress Flow Stress 
Steel Type ( oC) As-Rolled Yield 5% pre-strain (Jy D.Y 







/ - -2 
(MN-m ) 
Normal 25 285 379 442 63 
Nonna! -196 830 - 915 .85 
Ti-Added 25 296 411 414 3 -
Ti-Added -196 850 - 930 80 
-















of KIC where the flow stress was taken as the As-Rolled yield 
stress because. the plastic strain at the fatigue crack-tip plastic 
zone was unlikely to exceed that induced by the 5% pre-strain. 




caused by the strain ageing of 
the fatigue crack-tip plastic zone was expected to be lower than 
the estimate given in Table 8.9 because the magnitude of t:,,y had 
been shown to be influenced by the severity of prestraining (see 
Figures 8.41 and 8.42). Hence, the conservative limit of the 
uncertainty in the calculation of KIC caused by ignoring the change 
in flow stress due to strain ageing can be evaluated by the 
equation 
1 (-t:.Y __ 





the data given in Table 8.9, the magnitude of the ratio 
of the Normal Grade 275 Steel was calculated at< 10% while 
IC 
that of the Ti-added Steel was insignificant. Consequently, the 
shift in Fracture Mode Transition Temperature of the Normal Grade 
275 Steel shown in Figure 8.36 could not have been caused by either 
the uncertainty in the calculation of KIC or in temperature moni-
toring technique (see Section 8.1) and was therefore caused by 
strain ageing. 
The effect of the ageing of the crack-tip plastic zone on the 
fracture toughness measured.at -196°c was investigated and the 
results are given in Table 8.10. It can be seen that the quasi-
brittle fracture toughness was not affected by the ageing of the 
Apparent 
Yield 
Instability Crack Specimen . Specimen Compliance Fracture 
Stress* 
Steel Type Load Length Width Thickness a Function Toughness ~2 -
K + 0LY 
B>2.5() 
PQ a w B w Y (a) Q 3 
, Oy ' 
w -2 
(KN) i(mm} (mm) (mm) (MN-rn --z-) (MN-m ) 
No:anal 
2.30 10.80 20 9.97 
(Aged) 
o .. 540 10. 890 17.9 832 Yes 
No:anal 
2.90 10.07 20 9.96 
(As-fatigued) 
0.503 9.609 19.8 832 Yes 
Ti-Added 
2.20 11.0 20 9.96 0.550 11.26 17.6 846 Yes (Aged) . 
Ti-Added 
2.60 10.37 20 9.97 
(As-fatigue) 
0.519 10.18 18.8 846 Yes 
* See Figures 8.40 and 8.41 PQ a a + KQ = -- Y(W); for values of Y(W) see ref. No.3. 
B~ 
Table 8.10 Effect Of Strain Ageing On The Fracture Toughness Of The Grade 275 Steels Measured At -196~C N .,,. 
.::,. 
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fatigue crack-tip plastic zone. This experimental observation 
further supported the micro-fracture model for cleavage failure 
( 15, 16) 
discussed earlier in Section 8.4.a. The fracture model's 
equation of 
where KIC is the fracture toughness 
OF is the fracture stress 
d is g the grain diameter 
predicts that the fracture toughness should be independent of 
strain ageing as the fracture stress, OF, had been experimentally 
found to be independent of strain ageing (see Figures 8 .41 and 
8.42). This prediction was verified by the results given in Table 
8.10. 
On the other extremity of the test temperature range, i.e. 
where fracture occurred by micro-void coalescence, the ductile 
(18 19) 
fracture model ' predicted that the critical COD at th~ 
initial instability of the crack-tip material, o. , would depend on 
l 
the influence of strain ageing on the crack-tip critical strain 
only since 
where €fi is the critical crack-tip strain or notched ductility 
and££ is the average inter-MnS inclusion spacing 
Consequently the effect of strain ageing on the critical crack-tip 
246 
strain was investigated experimentally. The results of this investiga-
tion given in Figures 8.43 and 8.44 showed that the critical crack-tip 
strain (notched ductility) was apparently independent of strain-ageing. 
Since the average inclusion spacing should also remain unaltered, the 
micro-void coalescence model appears to predict 6., the critical COD 
l. 
at the initial separation of crack-tip material to be independent of the 
ageing crack-tip plastic zone. This prediction was supported by the 
experimental data shown in Figures 8.34 and 8.35~ However, these ob-
servations are in conflict with earlier reports on the effects of 
(28 strain ageing on ductility and fracture toughness published elsewhere ' 
130) 
This apparent discrepancy is not entirely surprising because 
the degree of pre-strain at the mechanical notch root is expected to 
be small, possibly even less severe than that at the fatigue crack-tip. 
Hence it is likely that the COD test is insufficiently,sensitive to 
detect the effect of strain ageing of these small plastic strains thus 
producing the above-mentioned discrepancy. 
Since the two basic micro-fracture and models were shown to 
predict the independence of the cleavage and ductile fracture 
toughness from the ageing of the crack-tip plastic zone, it is 
logical to assume that the small shift in the transition tempera-
ture of the high active Nitrogen Steel (Normal Grade 275) observed 
in Figure 8.35 can be elucidated by these two fracture models. At 
-196°c, the magnitude of the yield stress and the fracture stress 
were comparable. Consequently, very small degree of plastic yield-
ing at the crack-tip was required to intensify the local tensile 
stress level, alocal' to exceed the fracture stress, aF. It is 
reasonable to assume that the as-fatigued Normal Grade 275 Steel 
specimen has a slightly higher degree of plastic deformation 
prior to fracture than the aged steel because the latter had a 
higher flow stress level (see Figures 8.41 and 8~42). Hence, by 
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as Ep, the yield stress as cry and the flow stress as 0flow, the 
local crack-tip tensile stress, a1 1 , can be expressed as oca 
a = f (a ) 
local app when a local < o\' 
(B.7.5.a) 
0 = 
local f (_a flow) = 
when 0 1 1 > a (8.7.5.b) oca Y 
and the fracture plastic strain, E , of the aged and as-fatigued 
F 







As the temperature increased, the yield stress should decrease. 
This can be confirmed by comparing the yield stress of the Grade 
275 Steel measured at different temperature, as shown in Table 
8.11. Hence, increasing degree of stress intensification by 
, ( 165) 
plastic strain hardening of the crack-tip material was now 
required to elevate the local crack-tip stress, a1 1 , to exceed · · oca 
the fracture stress, aF, which was earlier reported to be tempera-
ture l.'ndependent(lGO, lGl) H th d't' f 1 f t ence econ i ion o c eavage rac ure 
at any temperature T remained as 
0 · ~ a 
local F (8.7.7) 
possible with 01 1 being attained over the characteristic distance oca 
of twice the average grain diameter ahead of the crack-tip. Thus, 
in the cleavage fracture regime in the vicinity of the Fracture 
Mode Transition Temperature (FMTT), both the local crack-tip stress 
















Temperature Dependence Of The Yield 
Stress Of The Grade 275 Steel 
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stress oF so that 
0 ' = 
local d age 
0 1ocal . ~ °F 
as-fatigued 
However, since the yield stress level of the aged specimen, 
251 , 
(8. 7.8) 
oy , was higher than the flow stress level 9f the as-fatigued 
aged 
specimen o 1· e 
flow • • 
as fatigued 
> 0 
flow . as-fatigued 
(8.7.9) 
the degree of plastic strain required in the aged steel would be 
less than that in the as-fatigued specimen in elevating the local 
crack-up stress, olocal, to exceed the fracture stress, aF so that 
the fracture plastic strain can still be expressed as in Expression 
( 8 • 7 • 6 ) where 
< £ 
Fas-fatigued 
This argument was indirectly supported by the fracture strain data 
of Figures 8.41 and 8.42 which showed that the fracture strain of 
the strain aged Nonnal Grade 275 Steel was markedly lower than that 
of the as-rolled material while strain ageing had little effect on 
the fracture strain of the low strain ageing propensity Ti-added 
Grade 2 75 Steel. It should be noted that although ageing was kept 
minimal in the as-fatigued specimens, some dislocation locking were 
still expected to have occurred during the short time required for 
the preparation of the specimens for COD testing after pre-fatigue 
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cracking. Thus, it is reasonable to assume that the yield point 
would re-emerge in these specimens although the magnitude of the 
change in flow stress given as 
/W - cr flow as fatigued 
was expected to be insignificant because of the short ageing 
t . (130, 141) ime Consequently, the value of cr flow in 
as fatigued 
Expression (8.7.9) can be written as cry , with 
as fatigued 
cry being different from the fully aged yield stress 
as fatigued 
value of cry • Expression (8.7.9) can now be re-written as 
aged 





With the rise in temperature, the plastic deformation required 
for crack-tip stress elevation increased accordingly. When the 
crack-tip plastic strain, Ep, exceeded the notched ductility, Efi, 
i.e. when 
E > (8.7.11) 
p 
the fracture mode would change from cleavage to mi~ro-void coales-
cence. Since the plastic strain required for cleavage fracture of 
the aged specimen was earlier shown to be less than that of the as-
fatigued specimen at the similar temperature, it is l~gical to 
deduce that the as-fatigued specimen would attain the critical 
crack-tip strain at a lower temperature than the aged specimen. 
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Therefore the transition temperature of the as-fatigued steel 
should be lower than that, of the aged steel. Hence, it can be seen 
that the effect 9f strain ageing on tensile properties can be com-
bined with the micro-fracture model to predict that 
(a) In the high strain ageing propensity steel, the 
Fracture Mode Transition Temperature (FMTT) of the 
aged steel is higher than the corresponding transition 
te~perature of the as-fatigued material i.e. 
(FMTT) d age 
> (FMTT) 
as fatigued 
(b) In the low strain ageing propensity steel, the 
Fracture Mode Transition Temperature is independent 
of-strain ageing. 
These predictions were verified by the experimental data given 
in Figures 8.36 and 8.37. Unfortunately, quantitative analysis is 
currently unfeasible because of the unavailability of experimental 
technique for measuring the precise degree of plastic strain at the 
fatigue crack-tip plastic zone. 
The effect of strain ageing on the Charpy V~notched impact 
toughness of the Grade 275 Steels is shown in Figures 8.45 and 
8.46. It can be seen.that the shift in transition temperature 
caused by strain ageing was more prominent than that in the quasi-
static fracture toughness test results given earlier in Figures 
8.34 and 8.35. The transition temperature shifts of the two test 
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Table 8.12 Magnitude Of The Shift In Transition Temperature Of 
The Quasi-Static And Impact Fracture Toughness Test 
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magnitude of strain aged induced transition temperature shift was 
likely to have been caused by 
8.8 
(a) The basic differences in the two test methods 
discussed earlier in Section 8.5 
(b) The difference in the pre-strain severity. In the 
Charpy V-notched impact test, the steel was tested 
either in the as-rolled condition or strain aged 
with 5% pre-strain whereas in the COD test, the steel 
was either in the as-fatigued or post-fatigue fully 
aged condition. Consequently, the pre-strain of the 
Charpy test specimen was markedly more severe than 
that of the COD test.specimen. This difference is 
significant because the shift in transition tempera-
ture was reported to be dependent on the pre-strain 
. . t· ( 139 , 141) 
severi y . Furthermore, it was reported 
that mere pre-straining would cause a shift in tran-




The experimental measurements of Critical Stress Intensity 
Factor of low carbon steel using the Crack Opening Displacement 
philosophy were investigated. It was found that the use of 10 mm 
thick standard compact tension specimen was sufficient to provide 
size independent, "plane strain" fracture toughness results. 
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The standard ASTM fracture toughness test method was used to 
experimentally measure the plane strain Critical Stress Intensity 
Factor with the aim of comparing the experimental data with the 
predictions made by the micro-fracture models which were developed 
to describe the cleavage fracture behaviour of a notched body(lS, 
16) 
It was found that the experimental results showed good agree-
ment with the theoretical prediction; thus implying that the. 
fatigue crack-tip of the fracture toughne9s specimen merely acted 
as a stress concentrator and that the test measured the energy 
needed for the nucleation and subsequent spontaneous propagation of 
micro-cracks in the fatigue crack-tip region. 
Similar comparison of the experimental and theoretically pre-
di d ( lS, 19, 20) h , d · h · cte fracture toug ness values associate wit micro-
void coalescence showed that in low carbon steel, the primary 
voiding particle was the Manganese Sulphide inclusion, and not the 
grain boundary cementile particles. 
Comparison of the quasi-static fracture toughness, KIC, with 
the Charpy V-notched Impact Energy, C , showed that empirical 
V 
correlation could be obtained. However, the use of these corre-
lations must be treated,with caution. 
The fatigue pre-cracking process of the fracture toughness 
specimen was found to have produced two lobes of plastically damaged 
zone extending to approximately 1 to 2 grain ahead, and approxi-
mately 4 grain on either side of the crack-tip. Strain ageing of 
this area by locking of dislocation by interstitial Nitrogen was 
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found to have produced a small but significant shift in the 
Fracture Mode Transition Temperature. However, the two shelf 
levels of 'fracture touqhness were u~affected by ageing. This 
behaviour can be qualitatively predicted by introducing the effect 
of strain ageing on tensile properties into the two micro-fracture 
models mentioned earlier. Quantitative analysis of this phenome-
non is currently unfeasible because of the unavailability of 
experimental technique for meiisuring the severity of the fatigue 
crack-tip plastic zone. 
The magnitude of the shifts in transition temperature caused 
by strain ageing was observed to be different for the Crack 
Opening Displacement and the Charpy V-notched Impact tests. This 
disparity was likely to have been caused by a combination of the 
basic differences of the two test procedure and the different 
severity of plastic pre-strain of the two types of test specimens. 
PART 2 
EFFECT OF DYNAMIC STRAIN AGEING ON .THE 
FRACTURE TOUGHNESS OF A LOW CARBON STEEL 
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CHAPTER NINE 
DYNAMIC STRAIN AGEING IN LOW ALLOY STEELS 
9.1 General Characteristics 
When strain ageing and plastic straining occur simultaneously, 
the phenomenon is known as "dynamic strain ageing". In the tensile 
testing of mild steels, dynamic strain ageing manifests itself by:-
(i) serration of the stress strain curve (Figures 9.1.a 
and 9. l.b) 
(ii) decrease in ductility (Figure 9. l.c) 
(iii) increase in the rate of work hardening (Figure 9.1.b) 
When tested under normal strain rate, this phenomenon occurs at 
test temperatures ranging from 1so0 c to 300°c. This temperature 
range coind.des with the "blue heat" zone of the temper colour 
range. Consequently, dynamic strain ageing in mild steel is often 
referred to as "blue-brittleness". However, the diminished ducti-
lity is not a true brittle behaviour, although the lower elongation 
at fracture may be detrimental if the steel is worked around these 
temperatures.· Discussions on the engineering aspects of dynamic 
, ( 166) 
strain ageing have been summarised elsewhere • 
Hall (167) had studied the metallography of deformation in 
iron strained in the blue-brittle temperature range and found 
that serrated yielding resulted in an extremely regular saw-tooth 
'1l 
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type of stress-strain curve; each rise in stress was associated 
with primary Luder bands being momentarily locked by strain ageing, 
and each fall in stress was associated with the Luder band's 
forward movement. Examinations of surf.ace marks left at each 
stoppage indicated that the Luders strain was not uniform. The 
work hardening material behind the Luder band fronts strain aged 
I 
:rapidly, so that beyond the l.ower yield extension., deformation 
took !)lace by the movemei;it of secondary Luder bands. These too 
were stopped by strain ageing and left behind surface marks. 
Hall suggested that the extent to which serrated yielding and flow 
effects were observed would depend on the "stiffness" of the 
testing machines. In "hard" machines, jerky flow would be recorded 
more clearly than in "soft" machine. 
9.2 Factors Affecting Dynamic Strain Agein~ 
It is well established that dynamic strain ageing can be influ:.. 
enced py several factors. They may be summarised as follows:-
9.2.l Composition 
As in the case of static strain ageing, intersitital carbon 
and nitrogen atoms had been shown to be responsible for blue-
. t l (166, 168, 169, 170) brittleness of milds ee s 
Baird and Jamieson investigated the effects of carbon,nitrogen 
and manganese on the tensile properties of strip steel specimens 
. ( 168) 
over a range of testing temperatures • All specimens were 
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annealed in moist hydrogen to facilitate the removal of carbon and 
nitrogen. Some were tested in this condition while others were 
recarburised or renitrided before testing. The results (Figures 
9.2 and 9.3) showed that the tensile properties of the carbon and 
nitrogen free-specimens fell on a smooth curve in the temperature 
range of 20°c and 250°c, whereas pronounced strengthening effects 
were present in the ~pecimens with free carbon and nitrogen over 
the temperature range of 100°c and 300°c. Furthermore, serrated 
0 0 
yielding was observed in the temperature range of 175 C to 225 C, 
0 
and jerky flow was present in the temperature range of 125 C to 
250°c. These observaitons indicated that the strengthening effect 
was caused by dynamic strain ageing. The less marked strengthening 
in the Fe-Mn-C alloy suggested a weak affinity between Mn and C. 
The results also showed that the most pronounced effect of dynamic 
strain ageing was th.e increase in the rate of strain hardening, 
while the effect on yield strength was less marked. Nitrogen was 
observed to produce a greater ageing effect than carbon. This can 
b 1 . db h h' h lub'l' f · (l29 ) e exp aine y t e ig er so i ity o nitrogen • The yield 
stress-temperature curve (Figure 9.2) displayed a single strengthening 
peak for the steel containing free nitrogen. However, the stress-
temperature curve of a0 _1 (Figure 9.3) displayed three distinct 
strengthening peaks. Thus, dynamic strain ageing can be expected 
to be a complex phenomenon with the possibility of several over-
lapping strengthening mechanisms. 
(171) . 
Glen et al studied the effects of temperature on the yield 
or proof stress of several normalised commercial steels and found 
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-
did not exhibit a peak in yield stress in the temperature,range of 
15o0 c to 300°c (Figure 9.4). Further evidence supporting the 
retarding effects of carbide and nitride formers on dynamic strain 
ageing in commercial steels has been reported by Epstein et al, who 
showed that serrated yielding could be suppressed by the addition 
of Vanadium( 172 ). 
The presence of substitutional solutes with an affinity for 
nitrogen and carbon has been shown to be responsiJ;,le for the 
. (169 170) 
extension of strengthening peak to higher temperatures ' 
{Figure 9.5). Baird c;111d Jamieson's ~ork showed that peaks in 
tensile properties were not obtained in Fe-Mn alloys in the absence 
· . (170) 
of carbon and nitrogen • Hence, the broadening of the peaks 
arises from an interaction between Mn and N interstitials. The 
detailed mechanisms of substitutional-interstitial interaction are 
currently imperfectly understood. However, c.ottrell suggested 
that strain-enhanced diffusion of substitutional atoms to dis-
locations may occur and results in some form of clustering or loca-
1 . d d . d th a· 1 ' (l ?3) .1se or ering aroun ·ese is ocations • This localised 
ordering may be responsible for the observed broadening effects. 
9.2.2 Grain Size 
Blackmore and Hall investigated the blue-brittle behaviour of 
mild steels with grain size of 50, 85 and 170 grain/mm 2 and found 
that grain size did not affect the kinetics of dynamic strain ageing 
. . f' l (174) s1gn1 icant y • However, Brindley and Bamby showed that there 
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ste·e1 specimens with low nitrogen content when tested in tension 
in the temperature range of 20°c to 4oo0 c< 175). Fine grained 
specimens showed one type of serration which occurred in the 
temperature range of 60°c to 200°c and was present at the onset of 
plastic deformation (Figure 9.6.a). Coarse grained specimens of 
the same composition showed a second type of serration which only 
occurred after the specimen had already undergone 8 to 10% of 
smooth plastic deformation (Figure 9.6.b) in the temperature 
range of 200°c to 300°c. It was later shown that in such coarse 
grained specimens, increases in nitrogen content would eliminate 
h , d ' h k h d ' 't (l 7G) t e serration an increase t e wor ar ening capaci y 
(Figure 9.6.c) 
9.2.3 Strain Rate 
It has been well established that varying the strain rate will 
alter the position of the dynamic strain ageing effects on the 
temperature scale, but does not change the magnitude of the effects 
or the pattern of dynamic strain ageing. Manjoine observed that 
the maximum in yield strength and UTS of a mild steel occurred at 
0 -1 0 
about 550 C for a strain rate of 300 s compared with 225 C for a 
strain rate of 8.5 x l •- 4 s-l (17~ 
Based on Manjoine's 1results, Cottrell deduced that the .mini-
mum temperature range at which serration occurs in iron corresponds 
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-9 2 -1 
x 10 cm -s (9.2.1) 
where sis the applied strain rate 
The effects of strain rate may also be described in terms of 
activation energies obtained from Arrhenius plots. Baird had 
summarised the results obtained from several other reports and 
(139) found good agreement amongst them .• The activati~n energy at 
\ 
·the low temperature end of dynamic strain ageing where the onset 
of serration occurs is approximately 20,000 cal/mol , while, that 
for the upper end of the temperature range where serration dis-
appears is 30,000 to 36,000 cal/mol. The value of activation 
energy for the iower temperature end is approximately equal to that 
of the diffusion of either carbon or nitrogen in ferrite. Since 
the lower limit of serration has been found to be very sensitive to 
interstitial solute level (l 79), Cottrell' s deduction of Equation 
(9.2.1) needs to be modified to account for the effects of inter-
stitial content. 
9.3 Mechanisms Of Dynamic Strain Agein_s 
The occurrence of multi-strengthening peaks suggests that 
there is more than one operative strengthening mechanism. 
t 
Currently, four mechanisms had been proposed to explain the 




They are listed in the order of increasing temperature 
(i) strain induced ordering of so.lute atoms around 
dislocations ,which have becom~ temporarily 
blocked by obstacles producing locking, 
(ii) strain induced ordering of solute atoms around 
moving dislocations producing an increased 
frictional resistance to movement, 
(iii) Long range segregation of solute atoms to dis-
locations temporarily blocked by obstacles pro-
ducing locking, 
(iv) drag exerted on moving dislocations by solute 
at~ospheres diffusing with the dislocations. 
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Theories predicting the kinetics of the above mechanisms have 
been, proposed. , Unfortunately, insufficient accurate knowledge of 
some of the parameters in these theories leads to the uncertainty 
of their range of application. Nevertheless, it is possible to 
infer the operative mechanism from the characteristics of recorded 
de formation. 
The theory of strain induced hardening mechanism by solute 
ordering had been considered by Wilson, Russel and Eshelby, who 
observed that the rate of work hardening increased markedly in the 
temperature range of 20°c to 130°c( 180). This mechanism can thus 
explain the subsidiary peak in the flow stress at 1so0 c as observed 
b . d d . ( 168) ( . 9 . ) • y Bair an Jamieson Figure .3 • It was suggested that this 
o ( 181) 
mechanism may be operative up to around 200 C • 
The lorig range segregation of solute atoms to blocked dislocations 
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may become operative at about 130°c with normal tensile strain rate. 
\ 
E ' ' f , d ' t' (l33> '11 1 h h diff ' xamination o Hun y s Equa ion wi revea tat t e usion 
rate of interstitials may be sufficiently fast at this temperature. 
The upper limit of effectiveness can be the temperature at which 
the dislocations can escape from the segregated solute atoms or 
the temperature at which the segregated solutes can di'ffuse with 
dislocations. This upper limit should approximately correspond to 
the temperature at which sharp yield point disappears (250° C to 
. 350°c). It is now believed that most dislocations which become 
locked during de formation in the blue-brittle temperature range 
. (182) 
are never subsequently unpinned • 
Carbon and nitrogen atoms continue to segregate to dislocations 
up to about 5oo0 c. With normal strain rate, these atmospheres may 
diffuse with the dislocations and cause little drag. However, should 
the strain rate increase, they may start to lag behind the dislo-
cations, thus exerting a drag. The atmosphere· drag e ffeCt has been· 
. (183) 
examined by Cottrell and Jawson ~ Their calculations showed 
that the solute atmosphere. drag mechanism is unlikely to affect 
the yield stress greatly at normal solute contents, although it may 
cause sufficient drag to raise the rate of strain hardening appre-
ciably by causing the activation of more dislocation sources during 
straining. This mechanism could thus partially explain the streng-
o (168) 
thening due to carbon and nitrogen at temperatures above 300 C 
( see Figure 9. 3) 
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9.4 Effects Of Dynamic Strain Ageing On Tensile Properties 
The effects of temp~ratures and strain rates on the yield and 
. I ( 177) 
ultimate tensile stresses were investigated elsewhere and the 
\ 
results are summarised in Figure 9.7. It can be seen that both 
the yield stress and the. strain hardening exponent display increases 
due to dynamic strain ageing. 
The variations of yield stress as expressed in the Hall-
h 1 . h. ( 127) Pete re ations ip 
Oy = 
in the blue-brittle temperature range has been investigated by 
. (184) 
Wilson • The results (Figure 9.8) for a rimmed low carbon 
steel showed that 
(i) ky decreased from 20°c to 100°c and again from 
160°c to 200°c, while remaining constant in the 
intermediate temperature range. 
(ii) cr. increased slightly from 75°c to 1so0 c and fell 
1 
slightly at higher temperature. 
In the absence of carbon and nitrogen, ai would be expected to fall 
smoothly above 20°c. Hence, the slight rise at the beginning of 
the blue-brittle temperature range is probably indicative of an 
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The yield stress-temperature plots of Manjoine(l 77) and 
'l ( 184 ) .di 1 d ' 'l . 0° d 2 o0 Wison · sp aye a simi ar trend between 2 Can O C for 
normal tensile testing stra1n rate. Although Manjoine's curve 
showed a peaking effect at about soo0 c, it should be noted that 
discontinuous yield point had vanished at 4oo 0 c. 
It is no~ established that the strain hardening rate and hence 
the flow stress and .the L<Dwet Yield Stress are the properties most 
affected by dynamic strain ageing (Figure 9.7). Dynamic strain 
ageing causes a large increase in the strain hardening index n in 
th 1 . h. ( 185) e re ations ip 
a = (9.4.1) 
where a is the true stress 
€ is the true strain 
K8 is the strengthening coefficient 
It has also been sho~m that there is a much greater increase in 
dislocation density for a given ?train in the blue-brittle tem-
. ( 175 185) 
perature range than at room temperature ' , and this 
effect is clearly responsible for much of the enhanced strain 
hardening rate. This higher dislocation density may be explained 
by the continual generation and multiplication of fresh mobile 
dislocations when· the e~isting dislocations become immobilised by 
precipitate pinning. In addition, the rate of elimination of 
dislocations by.mutual annihilation decreases(l 95 ). 
The effects 6f strain rate on yield and flow stresses had 
'J.'l~i 
b ' t' . d b ' ' {l ?7) · . . een inves igate y MaJ01ne (Figure 9.7). It was found 
that increasing the strain rate markedly increased the temperature 
at which the maximum in yield and tensile stresses occurred. More 
recently,_ it has been shown that there exists an inverse strain 
rate dependency of the flow stress, but not the lower yield stress 
. o { 179) . 
at 100 C , (Figure 9. 9). The serrations of the flow curve have 
been proposed as a symptom of negative strain rate sensitivity of 
flow stres~(l79 >, which is a condition sufficient for dynamic 
plastic instability of the deformed zones. 
The ductility' as expressed by the fracture el~ngation has 
been shown to be dependent on the level of free nitrogen. On 
straining in the blue-brittle temperature range, localised 
depletion of nitrogen occurs, resulting in the formation of bands 
of high deformation which manifests itself in the form of serra-
tions of the flow curve(l7D) {Figure 9.6.b). If the materials in 
these bands fail to work-harden sufficiently to compensate for 
the reduction in area, fracture will occur within these bands with 
low elongation. Increase in nitrogen level will raise the strain 
at which this occurs, and thus increases the fracture elongation 
{170) 
(Figure 9 .10) • 
9.5 Effects Of Dynamic Strain Ageing On Fracture Toughness 
The effects of plastic deformation induced in the dynamic 
strain ageing temperature range on the ductility, subsequently 
measured at ambient temperature, have been investigated recently. 
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These investigations have practical relevance because warm pre-
stressing is normally employed to improve notched,toughness. 
Burdekin et al pre-strained mild steel specimens be'tween 
o o . , ( 186) 
150 C and 250 C and then tested them at ambient temperature • 
The effects of these treatments on the crack opening dis~lacements 
obtained by slow bend tests are summarised in Figure 9.11. It can 
be seen that pre-bending at 250°c increased the transition tem-
o perature by about 80 C,when compared with pre-bending to a similar 
degree at ambient temperature and subsequently ageing at 250°c. 
The ambient temperature embrittlement by dynamic strain ageing 
was further supported by an investigation involving a low al'!oy 
C-Mn steel (l97). By simulating the service strain cycle in pre-
cracked bend specimens at 277°c, brittle fracture was induced at 
room temperature. The equivalent temperature for brittle fracture 
of the steel in "as-received' condition was approximately -100°c. 
The results of the above investigations are consistent with 
the observations of high strain hardening rate during dynamic 
strain ageing which raises the flow stress towards the fracture 
stress crF, thus resulting in brittle fracture occurring more 
readily at higher temperatures. 
The two investigations discussed previously have been.involved 
with embrittlement effects ascertained at ambient temperature. 
De Morten extended the field on dynamic strain ageing embrittle-
ment by measuring the fracture toughness and the tensile properties 
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of a mild steel at temperatures ranging from cryogenic to beyond 
, ( 165) 
blue-bn. ttleness · • The steel was water quenched from 8S0°c 
and then tempered at 300°c for one hour so as to simulate weld 
heat affected zone conditions, The results (Figure 9.12) showed 
that the normal transition temperature curve could be produced 
using COD as the toughnes~, parameter. More importantly, they 
also showed a decrease in toughness at dynamic strain ageing 
temperatures. 
9.6 Summary 
Dynamic strain ageing in mild steels is commonly te.r:med blue-
brittleness. The phenomenon manifests itself during tensile 
testing by:-
(i) serrations of the ~tress-strain curve, 
(ii) increase in the rate of work hardening, 
(iii) decrease in ductility. 
Dynamic strain ageing has been observed to be dependent on 
several factors. These include: 
(i) composition of the steels, 
(ii) strain rate, 
(iii) grain size. 
Currently, it is believed that several overlapping me.chanisms 
are responsible for the strengthening characteristics of dynamic 
strain ageing. They are: 
(i) strain induced ordering of solute ato~s around 
mobile dislocations which are temvorarily blocked 
by obstacles producing 
( a) locking, 
(b) increased frictional resistance to movement. 
(ii) long range segregation of solute atoms to dislo-
cations producing 
,(a) solute atmospheres which diffuse wi.th the 
moving dislocations, thus exerting a drag, 
(b) permanent locking by precipitate formation 
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thus causing the generation of new dislocations. 
The strengthening effects of dynamic strain ageing may be extended 
to higher temperatures by the presence of substitutional atoms 
which have an affinity for carbon and/or nitrogen interstitials. 
Dynamic strain agein9 raises the yield and flow stresses. 
The rise in yield stress is mainly caused by an increase in a. , 
J. 
indicating an increased frictional·drag on the dislocations, 
although ky has been shm·m to be temperature insensitive between 
0 0 
100 C and 160 c. The marked rise in flow stress has been shown to 
have resulted from the large increase in the strain hardening index 
n. It is now believed that the high' value of n is a direct con-
sequence of high dislocation density caused by the rapid generation 
and multiplication of new dislocations, when permanent locking of 
existing mobile dislocations by precipitates occurs. 
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The detrimental aspect of dynamic strain ageing .is its 
embrittling effect. It is well established that tensile frac~ure 
elongation decreases significantly in blue-brittle temperature 
range. More recently, toughness parameters in the form of tran-
sition temperatures and crack opening displacements have confirmed 
this embrittlement effect in several mild steels. 
CHAPTER TEN 
THE EFFECTS OF DYNAMIC STRAIN AGEING ON THE 
FRACTURE TOUGHNESS OF A LOW CARBON STEEL 
10.1 Introduction 
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Although the effects of dynamic strain ageing (DSA) on the 
tensile properties of low carbon steels have been well established, 
there are relatively few research efforts directed at investi-
gating its influences on the quasi-static KIC' The more recent 
report has_ been that of De Morten who measured the critical COD 
of a mild steel which has been embrittled by quenching and tem-
pering treatment over temperature ranging from cryogenic to blue-
brittle (lGS). De Morten us.ed double fatigue bend COD specimens 
and found that the critical COD decreased substantially over the 
DSA temperature range. It is the aim of this investigation to 
ascertain the effects of DSA on the COD-related KIC of a low carbon 
steel in its as-rolled condition. 
The Pressure Vessel Steel was selected for this experimental 
investigation because of the following reasons:-
(a) The maximum load COD has been shown to provide a 
reasonably accurate measure of the COD at the instance 
of crack-tip instability (see Section 8.2). 
·(b) The measurement of the critical COD of the Pressure 
Vessel steel has been shown to be free of the problems 
associated with the presence of large Mns inclu-
sion cluster (see Section 8.2). 
283 
The chemical composition and Nitrogen analysis of the Pressure 
Vessel steel have been summarised earlier in Tables 7.1 and 7.2. 
10.2 COD Tests 
10.2.1 Experimental Proc~dure 
Standard 10 mm thick compact tension specimens were prepared 
from the Pressure Vessel Steel (see. Figure 7 .1). The specimens 
were subsequently tested over the temperature range of 25°c to 
3So 0c. A Wild-Barfield (1150°c maximum temperature) electric 
furnace was used to heat the test specimens up to temperature. 
· The tempexatures were monitored by a Cr-CrAl thermocouple placed 
at the crack-tip area through the fatigue crack starter notch. 
Each specimen was soaked at the desired temperature for 15 minutes 
for homogeneity. The tests were conducted on the'Instron Universal 
Testing machine at the.cross-head displacement rate of 1 mm-sec-1 • 
It was found that the use of the extensometer and its extension 
arms was impractical without complicated modification to existing 
equipment; As an alternative, the extensometer displacement, Vg, 
was prior calibrated against the cross-head displacement Vch and by 
referring to the Vg-COD calibration of Figure 8.2, the COD-Vch 
calibration was obtained. The results of this calibration are 
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FIG. 10·1 C00-CROSSHEAD DISPLACEMENT CAllBRATION 
from the COD value corresponding to the cross-head displacement at 
maximum load. The effects of static strain ageing were kept to a 
minimum by keeping the specimens refrigerated in a household freezer 
after fatigue cracking, and then testing them within the subse-
'quent week. The results in Figure 8.14 were added to the experi-
mental results of this investigation for comparison of the fracture 
toughness at the blue brittle temperature with that at cleavage. 
The fracture surfaces of the broken specimens were examined rmder 
the scanning electron microscope to determine the mode of sepa-
ration. 
10.2.2 COD Test Results 
The COD-Vch calibration has been supplied in Figure 10.1. 
It can be seen that the cross-head displacement can be used to 
evaluate the critical COD value. 
The applied force-displacement test records generally followed 
that of Figure 7.5.b where final instability is by ductile sepa-
ration. However, the record of tests conducted at temperature 
above 1so0 c showed "steps" after the attainment of maximum load 
(see Figure 10.2). 
The results of the COD tests are shown in Figure 10.3. It 
can be seen that the critical COD in the DSA temperature is sub-
stantially lower than the ambient temperature critical COD asso-
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The notched ductility at 250° C was obtained by using the 
maximwn load COD of specimens with different notch width. The 
calibratiqn curve of Figure 10.l can be used to estimate the 
critical COD of the notched specimens as the COD-Vg calibratfon 
has been shown to be relatively unaffected by the difference in 
slot width (see Figure 8.3). These experimental data were supple-
/ 
mented by the, relevant ambient temperature data from Figure 8 .24. 
The combined results are shown in Figure 10.4. It can be seen 
that the notched ductility has decreased substantially at the 
DSA temperature of 2so 0 c. 
I 
10.2.3 The Fracture Surfaces 
The fracture surfaces of selected samples of broken test 
specimens were examined under the Jeol JSM 35 Scanning Electron 
Microscope. Typical micrographs of specimens tested at 18°c and 
. 0 . 
250 Care supplied in Plate 10.l. It can be seen that the sepa-
ration mode in the DSA temperature is microvoid coalescence 
although the voids appeared to be shallower than those of the 
ambient temperature specimen. 
10. 3 Tensile Tests 
Tensile tests were conducted to obtain values of Oy for the 
calculation of Krc· The .dimensional and machining specifications 
of the tensile specimens have been supplied in Section 7, 3 .1. 
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PLATE 10 ·1 SCANNING ELECTRON MICROGRAPHS 
OF THE FRACTURE SURFACE OF 
SPECIMENS BROKEN AT {a} 18° C 




























The specimens were heated by the Wild-Barfield electrical furnace 
and the specimen temperatures were monitored by a Cr-CrAl thermo-
couple. The test record consisted of the applied force-cross-
head displacement graphs, and the yield stress values were cal-
culated using the value of applied force at the "plateau',' of 
these records. It should be noted that the yield plateau had 
disappeared at 350°c. In this case, the value of dy was calcu-
lated by estimating the 0.2% proof load. Serrations of the flow 
0 0 
curves were observed in specimens tested between 100 C and 250 C. 
The tensile test results were supplemented by the tensile test 
results summarised in Figure 8.18. The combined data are supplied 
in Figure 10.5. Typical tensile test records are also shown in 
Figure 10.6 for the purpose of estimating the stress-strain 
relationship of the steel at ambient and DSA temperatures. The 
stress-strain relationship may be estimated by taking small values 
of strains and the.ir corresponding stress values from the tensile 
records so that the engineering stress and strain values may be 
used as close approximation of the true stress and strain values. 
By substituting these values into the true stress-true strain 
relationship 
(J = (10.3.1) 
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FIG. 10-6 TENSILE TEST RECORDS Of SPECIMENS TESTED AT 





At 2S C (see Figure 10.6.a) 
£ = 0.025 
e: = 0.05 
so that n = 0.240 
-2 
Ks = 720 MN-M 
-2 
a= 297 MN-:M 
-2 
a= 350 MN-M 
(b) 
0 
At 250 C (see Figure 10.6.b) 
e: = 0.025 
£ = 0 .05 
so that n·= 0.265 
K 
s 
= 840 MN-M- 2 
Hence, at 25°c, a= 720 e:· 240 
at 2so 0c, a= 840 e:" 265 
-2 
a= 316 MN-M 
-2 
CJ= 380 MN-M 
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( 10. 3. 2) 
(10.3.3) 
Th~ accuracy of this approximation method can be verified by 
comparing the ambient temperature K and n values with those obtained 
s 
by the more accurate true-stress and true-strain test (see Appendix 
F) • 
10.4 COD-Related Krc Results 
The geometrical criterion for size-independent critical COD 
and hence KIC values has been supplied in Equation (7.5.3) as 
a, B, W - a~ 25 oc 
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Hence, it can be seen that the standard 10 mm thick CT specimens 
used in this experimental investigation should satisfy the above 
criterion. The KIC values were calculated using Equation (7.4.4) 
where 
and the results are given in Figure 10. 7. It can be seen that 
DSA has reduced the fracture toughness significantly. However, 
the DSA temper~ture KIC level is still substantially higher than 
the cleavage KIC value of 19. 2 MN-M-f (see Table 8. 3) 
10. 5 Discussions 
The extensometer was not used to measure the COD of specimens 
tested at DSA temperatures because of practical difficulties. 
Instead, the use of the cross-head displacement Vch as a substi-
tute has been investigated. It was found that satisfactory experi-
mental COD-Vch calibration could be obtained (see Figure 10.1) 
provided the various specimen dimensions fell within the specified 
tolerances. The calibration curve in Figure 10.l was also used in 
the DSA temperature notched ductility tests. 'The justification of 
this method has been supplied in Appendix B. 
The DSA temperature COD tests revealed that after the initial 
crack extension, subsequent crack growth appeared to occur in 
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in the COD test records (see Figure 10.2) at the temperature range 
approximately similar to that of tensile serration. However, the 
SEM examination of the fracture surface did not reveal any evidence 
of cleavage facet (see Plate 10.1.b). Instead, microvoid coales-
cence with "shallow" dimples was found to be the separation mode, 
and results from Figures 10.3 and 10.4 showed that the non-
metallic inclusion model provides a reasonable estimate of the 
critical COD at DSA temperatures. The mechanism which causes this 
"steps" phenomenon is likely to be that which causes the serration 
f t ' 1 ds ( l 70 ) h ' h 1 l ' d d 1 ' f o ens1 e recor , tat is, t e oca 1se ep et1on o 
Nitrogen and Carbon interstitials at the crack-tip region, caused 
by the continual dislocation locking associated with DSA. This 
depletion of interstitials would .result in localised areas of high 
deformation (l?O). When the strain in this area exceeded the notched 
-
· ductility, separation by microvoid coalescence would occur, and 
the magnitude of the consequential crack extension would be limited 
by the size of the localised defonnation area. · This process 
repeated itself at the new crack front, thus resulting in the 
observed "steps" in the test records. 
The temperature ranges in which the COD "steps" and tensile 
"serration" phenomena occurred have been summarised in Table 10.l. 
It can be seen that they are. overlapping, with the tensile serra-
tion temperature range slightly lower. This difference is likely 
to be the consequence of different rates of strain at the releyant 
gauge length areas of the two types of test specimens. The strain 











COD "Steps" 150-350°C * 1 
-1 
381 mm-s µm 
Tensile "Serration" 100-2S0°C * 0.5 
-1 
30 mm mm-s 
Highest Test Temperature 
Table 10.1 Data Relevant To DSA Temperature COD And Tensile Tests 
( 6 3) 
constant of 0. 4 and a 'gauge length' , represented by the 
average non-metallic inclusion spacing of 381 µm. The rate 
-3 -1 
of strain of the COD test was calculated at 12.4 x 10 s . 
This is much higher than the tensile test strain rate of 
" -3 -1 
0.28 x 10 s (see Table 10.1). This difference in strain 
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.rate is likely to be sufficiently significant in causing the 
reported strain rate induced shift in DSA along the temperature 
1 ( 177) sea e • 
The marked loss of fracture toughness in the form of a 
substantial decrease in the critical COD at DSA temperatures 
(165) 
( see Figure 10. 3) is similar to that reported by De Morten . 
The cause of this loss in fracture toughness is not well under-
stood, although it has been suggested that the observed increase 
. . . ( 185) 
in the hardening index during DSA can lead not only to an 
increase in flow stress level, but also to a rapid rise in tri-
. ( 89) 
axiality of the stress system at the crack-tip • Based on 
these reports, De Morten postulated that the new crack-:tip stress 
t ·11 f . . 1 h . (165) sate wi a feet the microvoid coa escence mec anism • 
that 
The present experimental data support these observations in 
(a) The strain hardening rate as defined by 
(10.5.1) 
-2 
showed an appreciable increase from 2851 MN-m at 
0 -2 . 0 . 
25 C to 3350 MN-m at 250 C when £ 1 = 0,025. However 
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the rise in the strain hardening index n by 0.025 
, ( 185) 
is much smaller than those reported earlier 
( see Se ct ion 10. 3) 
(b) The voids formed at 2So 0 c were shallower than those 
at a.mbient temperature (see Plate 10.1) 
( c) The 
0 
notched ductility at 250 C was lower than that 
at ambient temperature (see Figure 10.4). 
The effects of DSA on KIC are shown in Figure 10.6. It can 
be seen that the KIC values decreased substantially at DSA tem-
perature. This decrease is expected to be caused by the embrittle-
ment effect of strain ageing as it has been shown eartier that 
introduction of a small crack-tip pre-strain by the fatigue pre-
cracking process is unlikely to cause a significant error in the 
calculation of KIC (see Section 8.7). 
10.6 Summary 
The fracture toughness of a low carbon steel has been shown to 
decrease substantially even though the basic fracture mechanism 
remains unaltered as microvoid coalescence. Experimental evidence 
appears to s,upport the postulation that the decrease in fracture 
toughness is a consequence of the microvoid coalescence process 
being affected by the increase in the strain hardening rate asso-




As the standard KIC test method has been originally designed 
to evaluate the size independent K ·t values of high strength 
en .. 
quasi-brittle materials,\it is not surprising that except at 
cryogenic temperatures, the test method is inapplicable to low 
carbon steels. 
The COD test method has been a popular alternative in assessing 
the fracture t9ughness of low strength materials. However, owing 
to the lack of a rigorous, standardised procedure, considerable 
ambiguity still exists in the definition of the critical fracture 
event when final instability ls by:-
(a) Cleavage accompanied by sub-critical crack-extension 
(b) Ductile tearing. 
In such cases, the BS-DD 19 recommends that the critical event being 
defined as either 
( a) The instance of crack extension so that o . = o. 
crit i 
or (b) The instance of instability, 
so that o . = o for cleavage separation 
crit c 
.and o . = om for cases where separation occurs 
crit 
after the attainment of maximum load. 
It was found that substantial difference can exist between the two 
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recommended critic al COD values when the initial crack extension 
was by micro-void coalescence. From the Material Science's points 
of view, the initiation COD, t5, , obviously has more significance 
l 
because it coincides with the physical separation of the crack-tip 
material. However, this type of crack extension does not lead to 
structural instabi,li ty. There fore, it may be argued that the maxi-
mum load COD·, 9 , is a more practical parameter as it corresponds 
m 
to the instance of instability of the uncracked ligament area. It 
is obvious tha~ the selection of the appropriate critical COD 
value will depend entirely on the ultimate aims of the model test. 
I_f the model test represents the service application reasonably 
accurately, then the use of o is justified. However, it is felt 
m . 
that the more conservative initiation COD should be used whenever 
the relation between model and service application is less well 
defined. 
Testings of ·specimens with crack planes orientated in the ST 
direction were hampered by the morphology of the non-metallic 
inclusions, which is predomin•ently MnS "stringers". In these 
specimens, the presence of cluster of these inclusion "stringers" 
at the crack-tip area can invalidate the COD tests by either 
(a) Causing the fatigue crack to propagate out-of-plane 
(b) Resulting in over-optimistic critical COD values 
when the "opening" occurred at the inclusion cluster. 
This problem plagued the COD testings of the Billet Steel conti-
nually and has led to a high rejection rate. Hence, the COD tests 
of such a material will require a higher degree of precaution to 
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prevent unduly optimistic conclusions. 
Nevertheless, it has been shown that size independent fracture 
toughness value in the forms of critical COD or KIC can be obtained 
by the COD test method using the compact tension specimen geometry. 
I 
From the experimental data, it may be concluded that:-
(a) The transition of fracture mode is accompanied by ,a 
rapid change in fracture toughness 
(b) Satisfactory predictions of the fracture toughness 
levels associated with the two distinct mode's of 
separation, namely, . cleavage and microvoid coales-
cence, can be made by the currently popular micro-
fracture models 
(c) The good agreement between the experimental arid theo-
retically predicted fracture toughness for both clea-
vage and microvoid coalescence inferred that 
(i) In cleavage fracture, the fatigue crack-tip 
of the fracture toughness specimen behaved 
as a stress concentration and that micro-
crac~s need to be nucleated in the material 
ahead of the crack-tip before spontaneous 
crack propagation can occur 
(ii) In microvoid coalescence, the primary voiding 
· particles of low carbon steel were confirmed 
to be the MnS inclusions. 
These observations were also reported by other research programmes 
using the three-point and four-point bend specimen geometry. 
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It has also been shown that empirical correlation exists 
between the quasi-static COD-r.elated KIC and the Charpy Impact 
Energy values. As the Charpy Impact test is a more economical 
test method, the empirical correlations may be useful if their 
statistical reliability can be verified. The obvious advantage 
will be the cost reduction and the simplicity of the ·charpy Impact 
test, especially for repetitive quality control type of testings 
for normal production runs. However, since the Charpy 1mpact test 
is only applicable as a fail-safe test, it is felt that the quasi-
static K1c should always be considered first for establishing 
parameters for structural design purposes because it can provide 
information at both cleavage and microvoid coalescence. 
The current popular models of fatigue crack propagation 
assume that plastic damage occurs at the crack-tip. This area has 
been shown to be present as two "lobes" on either side of the 
crack-tip; each "lobe" extending over a distance of several grain 
diameters. Although the size of this plastic zone is small, its 
location at the crack-tip is critic<;1l when favourable ageing con-
ditions prevail. The embrittlement effects of the strain ageing 
of this plastic zone have been confirmed by the observed increase 
in the transition temperature of the Grade 275 Steels aged by the 
locking of dislocations by Nitrogen interstitials. This transi-
tion temperature shift can be qualitatively predicted by the micro-
fracture models after accounting for the increase in flow stress 
level associated with strain ageing. Hence, it is felt that the 
recommended standard COD test procedures should include the 
10', 
! , 
embrittlement effects caused by the strain ageing of the inherent 
fatigue crack-tip plastic zone in the fracture toughness testings 
of high strain ageing propensity materials. 
The fract:ure toughness at "blue-brittleness" temperatures 
decreases substantially although the basic separation mode remains 
\ 
unchanged as micro~void coalescence. Although the cause of this 
phenomenon is not well understood, experimental observations support 
the postulation that the increase in hardening rate:__--associated with 
Dynamic Strain Ageing which alters the void fonnation- mechanism is 
responsbile for the decrease in fracture toughness. 
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.lli'PENDIX A 
DETERMINATION OF NITROGEN IN STEEL 
The total nitrogen content in steel is considered to be made 
up of two parts: 
(i) Acid-insoluble nitrides, and 
(ii) - Acid-soluble nitrides, which consist mainly of aluminium 
nitride and interstitial nitrogen. 
It is assumed that 
% N 
as -free 





The procedure is summarised diagramatically in Figure A(l). 
(a) METHOD FOR DETERMINING SOLUBLE AND INSOLUBLE NITRIDES 
3. 5 gm of steel sample (in the form of drillings) is dissolved _ 
in about 40-50 ml of 18% sulphuric acid. The mixture is heated 
over a steam bath to aid the decomposition of metal. Afte_r cooling, 
2 ml of barium chloride is added, and Separation of the soluble and 
insoluble parts is carried out by centrifuging. (Barium Chloride 
is added to improve the separation.) 
The soluble part is siphoned off and 10 ml of concentrated 
sulphuric acid is added to the insoluble nitrides. Heat is added 
until complete dissolution of the 'insoluble' nitrides. 
Dissolve in methyl 
acetate/bromine soln 
Filter using asbestos 
pad 
Steam distill· 
% N as AlN 
TOTAL NITROGEN 
IN STEEL SAMPLE 
Dissolve in dilute 
- acid 
Acid soluble : AlN 







Acid soluble component Digest in cone. acid 
Steam distill 
Colorimetric analysis 
% N as AlN and 
interstitial N 
% N as interstitials 
(by difference) 
· Soluble nitrides 
Stearn distil 1 
Colorimetric analysi 
% nitrogen as 
insoluble nitrides 
FIGURE A.l: Format for nitrogen analysis of steel 
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The soluble and 'insoluble' solutions are then separately steam 
distilled with 40-50 ml of sodium hydroxide and about 40 ml of 
ammonia free distilled water. The distillation apparatus is as 
shown in Figure A(2). The dist.illate is collected in 10 ml of 
boric acid solution. 2 ml of Nessler reagent is added to the dis-
tillates and the solutions are adjusted to equal volume by adding 
ammonia-free water.· The amount of nitrogen present in these 
solutions may then be determined using colorimetric examination, 
and the actual nitrogen level obtained from the calibration curve 
prepared using standard nitrogen solutions. The interstitial (or 
active) nitrogen is then given·by the difference between the 
nitrogen in soluble nitrides and the nitrogen combined as aluminium 
nitride. 
(b) METHOD OF DETE.RMINING THE ALUMINIUM NITRIDE 
3.5 gm of steel sample (in the form of drillings) is dissolved 
in 50 ml of Methyl-Acetate plus 10 ml of Bromine. The mixture is 
dissolved with the aid of a small flame. Aluminium nitride, which 
is not soluble in these solutions, is filtered off using an 
asbestos pad.· The pad is washed using Methyl-Acetate and then 
dried. The dried pad is .then put into the distillation flask (E 
in Figure A( 2)), and the nitrogen combined as AlN is obtained by 
steam distillation.and determined using colorimetry. 
The accuracy of these analyses is in the order of ±0.0005%. 
( c) GENERAL PRECAUTIQN 
(i) Care.must be taken to ensure that decomposition of steel 
C 
A steam flask 
E distillation flask · 
G distillate 
FIG. A. 2 STEAM DISTILLATION APPARATUS 
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samples and the centrifuging separation process is complete. 
(ii) Every precaution against contamination with extraneous 
ammonia must be taken. 
(iii) Blank 'determination should be carried out with each batch 
of tests to ensure that nitrogen does.not come from any 
other sources other than the steel sample. 
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APPENDIX B 
CALIBRATION OF THE COD EXTENSOMETER 
The experimental calibration of the Instron A384-1B clip-<;>n 
type extensometer was conducted with the aim of providing an 
accurate relationship between extensometer reading(Vg) and the 
COD. The calibration was conducte~ at ambient temperature. 
The mounting arrangement of the extensometer has been schema-
tically· illustrated in Figure B .1. The calibration technique 
involved loading the specimen to pre-determined values of v9 and 
then impregnating the crack with SIL-21 silicon rubber to obtain 
a replica of the crack-tip profile. The mid-section of the crack-
tip was then measured with the use of a Nikon Model 6C type 
Shadowgraph under a magnification of 20. During the curing of . . 
rubber, which took 2 to 3 minutes, the load relaxed by approximately 
5% but thi_s should not affect the calibration. In the calibration 
of the Grade 275 Steel specimens, calibration was conducted beyond 
the point of initial sub-critical extension. In these cases, the 
Vg values higher than 4 mm were obtained by extrapolation of the. 
Vg-time plot.· This was possible because the Vg appeared to be 
linearly dependent with time after general yielding. 
The results of this ·experimental calibration are supplied in 
Figure 8.2. It .can be seen that 






























FIG B · 1 'MOUNTING ARRANGEMENT OF EXTENSOMETER 
.to be similar. 
(b) The location-of the neutral axis in the uncracked liga-
ment was initially variable during small scale yielding 
but appeared to have stabilized at and after general 
yielding. 
The effects of slot-width dn the COD-Vg calibration were 
investigated by ascertaining the· .COD-V · re;I.ationship of three . g 
Ti~added Grade 275 Steel specimens with slot-width of fatigue 
crack magnitude, 300 and 650 µm. The results have been sum-
marised in Figure 8.3. It can be seen that the calibration 
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curve of.Figure 8.3 can be used to estimate the coo-v9 rela-




ACCURACY OF THE TEMPERATURE MONITORING TECHNIQUE 
I 
The desired sub-ambient temperatures of the COD tests were 
obtained by circulating liquid air through a helical copper ttµ>e 
around the test specimen. Consequently, the possible presence of 
a through-thickness temperature gradient warranted investigation. 
The _experimental technique involved the simultaneous 
measurements of the surface and mid-section temperature. The two 
surfaces' temperatures were measured by two Phillips PR 64C213/60 
Ni-NiCr thermocouples while the mid-section crack-front tempera-
ture was measured by inserting a Cr-CrAl thermocouple into a hole 
drilled at the "back face" of the specimen as shown in Figure 
C. l. The relative accuracy of the two types of thermocouple had 
been pre-tested .and were found to be satisfactory within the 
. 0 
temperature range of -100 to 20 C. 
These temperature measurements were conducted with typical 
samples of the 10, 20 and 30 mm COD test specimens over the COD 








FIG. C ·1 MOUNTING OF C.RaCRAL THERMOCOUPLE 
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, APPENDIX D 




.Specimen Stress Cycles 
Identification 
( X 10 3) 
Initial Final 
PSA6 2.5 1.0 160 
PSA12 2.5 1.0 160 
' 
PS.P,.2 2.5 1.0 500 
PSA5 2.5 1.0 500 
PSAl3 2.5 1.0 220 
PSM 2.5 1.0 410 
PSAl 2.5 1.0 300 
PSA8 .2.5 1.0 293 
' 
PSA7 2.5 1.0 220 








Identification ( X 10 3) 
Initiai Final 
PS2A7 10~0 3.0 300 
PS2A6 10.0 3.0 250 
PS2A2 10.0 3.0 183 
; 
PS2A9 9.0 3.0 350 
PS2A5 10 .o 3.0 155 
PS2Al2 8.5 3.0 492 
PS2Al 10 .o 3.0 500 
PS2Al4 10.0 3.0 450 





Specimen Stress Cycles 
Identification ( ~ 103) 
Initial Finc1.l 
PS3A6 22 5.0 640 
\ 
PS3A8 22 5.0 ·820 
PS3A4 22 5.0 709 
PS3Al0 22 5.0 980 
PS3A3 21 5.0 866 
PS3A2 24 5.0 174 
PS3A7 22 5.0 1020 
PS3Al 24 5.0 930 
PS3A5 21 5.0 760 





Specimen Stress Cycles 
Identification 
( X 10 3) 
Initial Final 
PSHT9 2.5 1.0 341 
PSHTl 2.5 1.0 275 
PSHTll 2.5 1.0 155 
PSHT2 2.5 1.0 343 
PSHT7 2.5 1.0 332 
PSHT3 2.5 1.0 603 
PSHT8 2.5 LO 210 
PSHT4 · 2.5 1.0 304 





Specimen Stress' Cycles 
Identification 
( X 10 3) 
Initial Final 
PS2HT10 10 3.0 157 
PS2HT8 10 3.0 +16 
PS2HT2 10 3.0 114 
P$2HT12 10 3.0 135 
PS2HT11 10 3.0 121 
PS2HT1 10 3.0 160 
PS2HT5 10 3.0 124 
PS2HT9 10 3.0 148 
PS2HT13 10 3.0 100 
PS2HT4 10 3.0 140 
/ 
.PS2HT3 10 3.0 150 
PS2HT7 10 · 3.0 ' 105 
Tabl~ D.5 20 mm Thick Hi-AlN Billet Steel Specimens 
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/ 
Maximum Loa.a Number Of 
Specimen 
(KN) Stres's Cycles 
Identification ( X 10 3) 
Initial Final 
PS3HT10 22 5.0 876 
PS3HT1 23 5.0 631 
PS3HT2 23 5.0 620 
PS3HT3 24 5.0 1040 
PS3HT8 22 5.0 993 
PS3HT4 22 5.0 868 
PS3HT7 22 5.0 945 
PS3HT5 24 5.0 571 
PS3HT12 22 5.0 662 
Table D.6 30 mm Thick Hi-AlN Billet Steel Specimens 
3)6 
Maximum Load Ntnnber Of 
Specimen (KN) Stress Cycles 
· Identification 
Initial Final ( X 10 3) 
All 2.0 1.0 133 
Al9 2. 75 1.0 153 
·A14· 3.0 1.0 144 
AB 2.2 1.0 170 
AlO 2.0 1.0 231 
A13 2.0 LO 148 
A7 2.5 1.0 115 
A6 2.5 1.0 676 
A22 2.5 1.0 360 
Al7 2.5 1.0 690 
Al2 2.5 1.0 · 707. 
A21 2.5 1.0 366 
A23 2.5 1.0 342 
A24 2.0 1.0 450 
A25 2.7 1.0 351 
A28 3.0 1.0 296 
Table D. 7 10 mm Thick Pressure Vessel Steel Specimens 
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Maximum Load· Number Of 
Specimen (KN) Stress Cycles 
Identification ( X 10 3) 
In.itial Final 
C4 2.8 1.0 630 
Cll 3.0 1.0 450 
C3 3.0 1.0 375 
C9 2.6 1.0 370 
cs 2·. 8 1.0 620 
C6 2.8 1.0 383 
C2 3.0 LO 254 
C7 2.8 1.0 560 
CB 2.7 1.0 558 
Cl2 2.6 1.0 370 
ClO 2.6 LO 436 
C22 3~0. 1.0 220 
C25 3.0 1.0 360 
C23 3.0 1.0 250 
Cl8 3.0 LO 325 
Cl5 3.0 1.0 418 
C20 3.0 1.0 270 
C21 3.0 1.0 283 
Cl9 3.0 1.0 . 250 
Cl7 3.0 1.0 330 
Cl6 3.0 1.0 440 
C24 3.0 1.0 345 






I den ti fication 
~03) Initial Final ( X 
T9 2.8 1.0 425 
T2 3.0 1.0 592 
T4 3.0 LO 340 
TS 2.8 1.0 531 
TS 2.8 1.0 521 
T15 . 3.0 1.0 500 
T3 3.0 1.0 380 
Tl 3.0 1.0 420-
T6 3.0 1.0 520 
T7 2.8 l.O 404 
Tl2 2.8 1.0 510 
T24 3.0 1.0 310 
T22 3.0 1.0 365 
Tl8 3.0 1.0 360 
Tl9 3.0 1.0 285 
T20 3.0 1.0 260 
T21 3.0 1.0 310 
T17 3.0 1.0 360 
Tl.6 3.0 1.0 340 
T23 3.0 1.0 300 
Table D.9 10 mm Thick Ti-Added Grade 275 Steel Specimens 
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APPENDIX E 














sf Spontaneous fracture 
cl Cleavage 
Table E.l 
Instability Extensometer Instability Instability Fracture 
Displacement vg Determined • Load.· Appearance 
(mm) C At (KN). 
0.34 sf 4.1 cl 
o. 39 sf 4.5 cl 
0.60 sf 4.9 cl 
0.64 sf 5.2 cl 
1.02 sf 4.5 cl 
1.60 ml 5.1 / me 
1.98 ml 4.4 me 
2.10 ml 4.5 me 
1.98 ml 4.3 me 
ml Maximum Load 
me Micro-void Coalescence 



































sf 27.0 cl 
sf 24.0 cl 
sf 23.3 cl 
sf 27.0 cl 
ml 24.2 me & cl 
ml 27.b me & cl 
ml 23.0 me & cl 



























Instability Extensometer Instability Instability Fracture 
Displacement vg Determined Load Appearance 
(mm) C At (KN) 
0.62 sf 42~0 cl -
o;a9 sf 41.0 cl 
0.95 sf 40.0 cl 
1.20 ml 40.0 me & cl 
1. 72 ml 44.0 me & cl 
1..97 ml . 42 .o me & cl 
2.20 ml 42.5 me & cl 
2.45 ml 39 me & cl 
2.52 ml 41.0 me 
ml Maximum Load 
me Micro-void Coalescence 




















Instability Extensometer Instability Instability 
Fracture 







0.42 sf. 5.5 cl 
0.44 sf 5.2 cl 
0.52 sf 4.0 cl 
0.50 sf 5.1 cl 
,• 
0.47 sf 5.6 cl 
0.45 sf 5.4 cl 
0 .45 ml 4.9 me 
0 .4 7 ml 5.0 me 
', 
. ml Maximum Load 
me Micro-void Coal~scence 










































De te :rmine d Load 
Appearance 
At (K~)· 
, sf 29.2 cl 
sf 24~6 cl 
sf 26.4 cl 
sf 26.5 cl 
sf 26.5 cl 
sf 25.8 cl 
ml 27.0 me 
ml 28.0 me 
ml 23.5 me 
-
ml 25.5 me 
ml 23.0 me 


























Instability Extensometer Instability Instability Fracture 
Displacement vg Determined Load Appearance 
(mm) C At (KN) 
0.92 sf 49.2 cl 
0.90 sf 45 .0 cl 
0.80 ml 44.0 me 
0.92 ml 43.S me 
0.84 ml 43.5 me 
0.90 ml· 46.S , me 
-
0.90 ml 39.8 me 
0.90 ml 40.5 me 
0.88 ml 40.2 me 
I 
ml . Maximum Load 
me Micro-void Coalescence 



















































Instability Instability Fracture 
Determined Load 
. At (KN) 
Appearance 
sf 4.1· cl 
sf 4.8 cl 
sf 4.7 cl 
sf 4.7 cl 
sf 4.3 cl 
ml 4.7 me & cl. 
ml 5.0 ·me 
ml 4.1 me 
ml 4.0 .me 
ml / 4.1 me 
ml 4.3 me 
ml 4.7 me 
ml 4.4 me 
ml 4.4 me 
ml 4.6 me 















































sf 6.3 cl 
sf 6.1 cl 
sf 7.0 cl 
s:f 6.0 cl 
sf 6.1 cl 
·sf 6.0 . cl 
sf 6.5 cl 
sf 7.2 me & cl 
ml 7.7 me & cl 
ml 7.0 me & cl 









Test Instability Extensometer Instability Instability 
Temperature Displacement V . Determined Load 
Fracture 
Identification gc Appearance (OC) (mm) At (KN) 
C22 -80 0.34 sf 4.5 cl 
' 
C25 -80 0.26 sf 4.2 cl 
C23 -60 o. 76 sf 6.4 cl 
Cl8 -46 0.89 sf 6.0 cl 
Cl5 · -43 1.16 sf 6.4 cl 
.. 
C20 -43 1.30 sf 6.3 cl -
C21 -42 3.14 . sf 6.0 me & cl 
Cl9 -41 3.14 sf 6.6 me & cl 
Cl7 -35 4. 30 sf 6.8 me & cl 
Cl6 -30 4.40 ml 7.5 me & cl 
C24 25 4.20 ml 7.1 me & cl 
sf Spontaneous Fracture ml Maximum Load 
cl Cleavage me Micro-void Coalescence 








Test Instability Extensometer 
Temperature Displacement vg Identification (OC) (mm) C 
T9 -80 0. 36 
-
T2 -70 0.41 
T4 -50 0.66 
TS -45 0.90 
TB -44 1.35 
.TlS - -41 1.07 
T3 -40 2.17 
Tl -40 2.08 
T6 -27 3.90 
T7 -17 3.85 
Tl2 25 4.50 




Determined Load Appearance . 
At (KN) 
sf 6.8 cl 
sf 7.0 cl 
sf 6.6 cl 
sf 7.6 cl 
sf 7.3 cl 
sf 6.9 cl 
sf 6.9 cl 
-- sf 8.1 cl 
sf 8.4 me & cl 
ml 7.9 me- & cl 
/ 













Identification (OC) . 
T24 -80 
T22 :..60 




























sf 7.1 cl 
sf 7.7 cl .. 
sf 7.1 cl 
sf 6.2 cl 
sf 6.0 c·1 
sf 7.0 ' cl 
ml 7.3 me & cl 
ml 7.8 inc & cl 





















initial dia ·= S·OOmm 
fracture dia = 4·35 mm 
. 100 0-01 0·10 1·0 
Ep 













initial dia = 5·05mm 
fracture dia = 3 · 19mm 
100 0-01 0·10 . 1·0 
Ep 












initial dia = 4·95 mm 
fracture dia = 3 ·05 mm 
100I e . e m , m a m, @ e , @ , @ , e , m a , 
0-01 0·10 1-0 
Ep 














initial dia =- 5·00 mm 
fracture dia = 3-09 mm 
. 100 0-01 0·10 1-0 
Ep 







CHARPY V-NOTCHED IMPACT TEST RESULTS 
Test Temperature Impact Energy C 
V 





-4 17 .6 · 
0 21.7 
l 2 3.0 
5 31.9 





100 63 .o 
-
140 58.0 I 50,2 
200 54.2 
Table G.l Pressure Vessel Steel 
35 7 
Test Temperature Impact Energy C V 













40 107 .1 
Table G.2 As Rolled Normal Grade 275 Steel 
358 
Test Temperature Impact Energy C 
V , -






































Table G.4 As Rolled Ti-Added Grade 275 Steel 
359 
360 
Test Temperature Impact Energy C 
V \ 






15 61.0 I 93.5 
20 108.5 
30 115.9 
Table G.5 5% Pre-Strained And Aged Ti-Added Grade 275 Steel 
